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Abstract

Fibre to matrix interface properties play a fundamental role in fiber re-

inforced polymers damage mechanisms, contributing to the complexity

of composite materials failure prediction. In the present dissertation

an original micro-mechanical experimental approach, based on micro-

cantilever tests, was proposed for the in-situ interface testing. The

adoption of computational models, supporting the experimental cam-

paign evidences, allowed the interface properties identification. The

proposed computational models were first validated on the base of

the experimental results and thus adopted to investigate the inter-

face debonding behaviour as well as the experimental method con-

sistency in isolate both the opening (mode I) and sliding (mode II)

damage mode. An analytical approach, describing the deformation

behaviour of the micro-cantilever specimens, was concurrently devel-

oped. It represented the base for the development of a leaner combined

experimental-analytical approach for the interface properties identifica-

tion. Its application to the experimental campaign evidences provided

results perfectly in line with those numerically retrieved.
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Chapter 1

Introduction

1.1 Composite materials in the field

of industry

The term composite refers to a wide range of materials, consisting of

two or more components, whose coexistence gives the resulting ma-

terial special properties not present in the components when taken

individually [1]. Generally, one of the two components has a reinforc-

ing function and therefore has strong mechanical properties with the

purpose of ensuring stiffness and strength to the material. One of the

other constituents is a material that can enclose the reinforcement,

give shape to the artefact and ensure the distribution of stresses so

that the material behaves as a whole. This component is called the

Matrix. Various composite materials exist in nature, for example the

wood is derived from the union of lignin (reinforcement) with cellulose

(matrix). Many composites are also normally adopted in construction

since the early stage of humankind. From mud and straw bricks, where

the straw works as a binder and the mud gives the necessary strength

in compression, to reinforced concrete, which is the result of combin-

ing concrete (matrix) and iron rods (reinforcements). The properties

of a composite material depend on the constituents properties, geom-
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1. Introduction

etry and phase distribution. One of the most important parameters is

the reinforcement volume or weight fraction. The distribution of the

reinforcement determines the characteristics of the system. The less

uniform the reinforcement, the more heterogeneous the material and

the higher the probability of failure in weaker areas. The geometry

and orientation of the reinforcement, on the other hand, influence the

anisotropy of the system. The composite phases have different roles

depending on the type and application of the composite. In the case

of low to medium performance composites, the reinforcement, usually

short fibres or particles, gives some stiffening but only locally reinforces

the material. The matrix on the other hand, is the main constituent

to support loads and defines the mechanical properties of the material.

In the case of high-performance structural composites, the reinforce-

ment is normally continuous and forms the skeleton of the material,

determining stiffness and strength in the reinforcement direction. The

matrix phase provides protection, support for the reinforcement and

the transfer of local stresses. The interface, although small in size, can

play an important role in controlling the fracture mechanism, fracture

toughness and, above all, the stress-strain behaviour of the material.

In the modern era the high performance structural components are

typically made by a polymeric matrix and a reinforcement in form of

continuous fibres. From an historical point of view, the concept of fi-

bre reinforcement is very old. There are even references in the Bible

to reinforcing bricks with straw in ancient Egypt. Iron bars were used

to reinforce masonry in the 19th century and this led to the develop-

ment of reinforced concrete. However, to have the first example of a

composite polymer in the modern era, we will have to wait for the

first fibreglass boat built in 1942, at the same time that fibre rein-

forced polymers (FRP) found use in aeronautics and electrical com-

ponents. In the early 1960s, the application of advanced composites

for military aircraft components began with the introduction of the

first high-strength boron and carbon fibres. Since the late 1970s, the
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1. Introduction

applications of polymer composites have greatly expanded in the fields

of aeronautics, automotive and biomedical applications, as graphically

reported in Figure 1.1.

.

Figure 1.1: Evolution of structural composite materials applications in
commercial and military aircraft and rotorcraft [2].

The example of the application of composite materials that signi-

fied a radical technological discontinuity is the Boeing 787 Dreamliner

aircraft (the first airliner flew in 2013) in which composite materials are

also used extensively in the primary structures (around 50 per cent),

enabling a weight saving of more than 20 per cent. The continuous

technological evolution that has made it possible to create innovative

composite materials with increasingly high-performance characteris-

tics and the growing sensitivity of the market to energy saving, have

made polymer matrix composites particularly versatile and suitable

for various applications. As mentioned, due to their limited size, the

fibres have an uncommon structural perfection; this feature, combined

with the intrinsic properties of the constituent materials, ensures high

mechanical strength, a very high elastic modulus, a very low specific

weight, and linear elastic behaviour up to fracture. The most impor-

tant fibres for use in composites can be glass, carbon, organic like linen
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1. Introduction

and hemp or mineral like basalt. They are found in composites either

in the form of continuous fibres arranged parallel in a plane, or in the

form of chopped fibres arranged with random orientation or, finally,

they can be woven in a weft-ordered configuration and arranged in

a plane. For high-end applications requiring high strength and stiff-

ness composite laminates made by stacking several unidirectional (UD)

plies are still the reference configuration. Fibres diameter are usually

in the order of 5÷20µm, plies thickness is in the range of 100÷300µm

and the whole laminate has a thickness grater than several millimeters.

Due to the thousands of fibres arranged in the same direction the sin-

gle plies results highly anisotropic. Benefiting from this, the properties

of the final laminate, depending on the stacking sequence of the indi-

vidual plies, can be tailored in order to fulfill the desired properties.

For a long time, the most commonly used fibres in structural compos-

ite applications were glass fibres. Although they have good strength

and low density characteristics, they have a relatively low modulus of

elasticity. For this reason, about 25 years ago, experiments began and

organic composites were converted into carbon and graphite fibres and

fabrics.

1.2 Fibre reinforced polymers

The high mechanical properties of carbon fibres derive from the spe-

cial crystalline structure of graphite. The more arranged the crystal

structure, the higher the material’s properties. A graphite crystal has

a structure composed of overlapping layers of planes made up of car-

bon atoms. The bonds between the same atoms in the same plane are

strong (covalent bonds) while those between atoms in different planes

are relatively weak (Van der Waals bonds). It is evident that crys-

tals are strongly anisotropic structures and it will be the task of the

manufacturing process to arrange the crystal structure in the desired

direction. Of course, this is not easy so it is practically never possible

7



1. Introduction

to obtain perfect crystals and precise orientation. Therefore, the re-

sulting mechanical properties will be lower than the theoretical ones.

Carbon fibres are obtained by graphitization organic textile fibres of

rayon or polyacrylonitrile in an inert atmosphere at over 2000°C. The
starting fibres are called precursors. During the graphitization process,

the high heat and the state of tension to which the material is subjected

cause the distortion of the crystalline structure and the disruption of

its planarity. The resulting micro-domains tend to join, fold, twist,

and split with each other. Therefore, the internal structure of car-

bon fibres is not purely homogeneous but it consists of various chaotic

micro-domains from by the structural units [3]. The greater the ten-

sile stress exerted, the higher the Young’s modulus of the product. On

the other hand, the increase in modulus is balanced by a decrease in

strength. Thus, there are both high-modulus carbon fibres, penalised

in strength, and low-modulus, high-strength carbon fibres on the mar-

ket. The two types are called high modulus (HM) and high strength

(HS) respectively.

.

Figure 1.2: Comparison of stress-strain curves for the most common
reinforcement fibres and steels with HS and HM carbon fibres [3].

A comparison of the stress-strain curves for HS and HM carbon

fibres with other varieties of fibres (Aramid,E-glass, Polyethylene) and

steels is shown in Figure 1.2. Compared to other types of fibres, carbon
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1. Introduction

fibres have three substantial advantages: a very high elastic modulus,

a low density and a very low coefficient of thermal expansion. They

are therefore supplanting the other fibres in all those fields where, in

addition to low weight, high rigidity is required (aeronautical struc-

tures, sports equipment, etc.) or considerable dimensional stability

under temperature variations (optical devices, radar, etc.). The pro-

duction costs of carbon fibres are considerably higher than those of

glass fibres, but their widespread use is justified by their high mechan-

ical properties. As mentioned, polymer matrices have the function of

wrapping and protecting reinforcing fibres, transforming them from the

initial form of textile fibre to a rigid object of defined shape. In the

industrial field, matrices can be of different natures depending on the

reinforcement fibres with which they are used and the design require-

ments. They are usually grouped in two macro classes, thermoplastic

and thermoset resins depending on whether or not the polymerisation

process is reversible with heat. Due to their generally superior mechan-

ical properties, thermoset resins have historically been more adopted

in the structural field than thermoplastics counterpart. Among them,

targeting low-cost applications, some inexpensive matrices with ac-

ceptable properties can be adopted. An example are the unsaturated

polyester/styrene systems, which were adopted, reinforced with glass

fibres, in the automotive field to produce the Chevrolet Corvette bod-

ies. This class of resins can present some issues: it shrink a lot during

cross-linking, can absorb water easily and its impact resistance is low,

additionally it is not very chemically resistant. Another low-cost sys-

tem is the so-called vinylester resin, which has some advantages over

unsaturated polyesters. It does not absorb much water, and it hardly

shrinks at all when catalysed. It also has good chemical resistance and

high compatibility with fibreglass. Neither vinylester nor unsaturated

polyesters are very good for high temperature applications, for which

matrices such as epoxy resins must be used. Epoxy resins are made

from the same monomer (diepoxide) as vinylester resins, but are re-
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1. Introduction

acted to a diamine group instead of the acrylic acid. Unlike the other

types of resins mentioned above, which tend to form linear chains of

monomers, in epoxy resin all the diepoxide and diamine molecules are

linked to form a lattice. This confers the polymer a particularly high

hardness and toughness, which, together with its excellent corrosion

resistance and shape stability properties, make it particularly suitable

for high performance and aircraft grade applications. On the other

hand, epoxy resin shows some important drawbacks such as their cost

and an higher viscosity than the other thermoset resins, which entails a

technological difficulty of drapability leading to an additional produc-

tion cost. Although with the advancement of technology, innovative

solutions are being explored, involving the adoption of natural textile

fibres combined with thermoplastic resins, in deference to the growing

need for weight savings, recyclability of materials and environmen-

tal protection, for structural applications where outstanding stiffness

and strength are required, epoxy resin and carbon fibres are still the

best choice due to their superior performances and the level of quality

guaranteed by established technological processes. The most typical

processing route for carbon-fibre reinforced polymer (CFRP) compos-

ites, adopted in high performance structural applications, is the lay up

of fibre laminates preimpregnated with uncured resin (prepreg). The

resulting artifact is cured in an autoclave under controlled temperature

and pressure. The prepreg ensures accurate control on the fibre volume

fraction, while the pressure applied allows to eliminate entrapped air,

leading to a very low porosity content (< 1%).

As discussed, the advantages driving the adoption of fibre-reinforced

polymer composites in structural applications are many,however they

also have certain disadvantages that delayed their massive application

until recently. Still today, their wider use is still restricted by the

following limitations:

• the cost of building composite structures remains higher than

their metal counterparts. Moreover, compared to steels, design
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1. Introduction

and development costs are much more uncertain due to the lack

of maturity. Also the analysis methods are less reliable because

of the reduced experience with this type of materials.

• the sensitivity to moisture absorption is particularly critical, as

it affects the mechanical properties of the material and there-

fore its tolerability must be considered when designing. Epoxy

resin shows a strong sensitivity to moisture due to the strong

interaction between certain functional groups of the resin macro-

molecules and water molecules. The absorption of moisture also

leads to a reduction in the material glass transition temperature

(Tg), exposing it to further weakening.

• the aging effect due to the material exposure to heat sources and

in particular to heating cycles that primarily affect the resin.

The heating produces a progressive softening of the resin ac-

companied by thermal expansion and then shrinkage as it cools.

Since the fibres do not show expansion or contraction phenom-

ena, the discharge of residual stresses into the composite occurs.

The problem can be exacerbated by the concomitant presence of

moisture absorbed by the matrix.

• concentrated and out-of-plane loads represents critical conditions.

The impact of hail and debris can even promote micro-crack nu-

cleation, that can easily progress in matrix crack and/or delam-

inations. This is because the impact energy, unlike in metals

where it is absorbed to perform plastic deformation work, in com-

posites that do not exhibit plasticity is spent on forming fracture

surfaces. Such sensitivity to micro-cracks and their degenera-

tion in material macro damages, rises special concerns, since it

is under the inspection tools detection sensitivity. Therefore the

damage tolerance design has an important role in the FRP de-

sign.

11
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• compared to metals, composite materials show a very low con-

ductivity that expose them to be subjected to lightning strike

damage. Therefore composite structures need to be protected to

avoid the risk of this kind of damage, using solution that most

of the time increase the weight of the structure.

1.3 Certification and testing

The reason for the increasing trend in use of FRP over the years, lies

in the reduced manufacturing costs and increasing confidence, gained

through applications on low-risk secondary structures. The expansion

to more advanced and multiple applications,however, requires further

cost reduction and an improvement in methods of analysis during de-

velopment and certification. This issue is particularly felt in those

industrial fields, such as aircraft, where high standards of safety and

reliability are required. For these reasons, certification and testing are

still among the highest nonrecurring costs in aircraft program, together

with machining and prototyping [4]. The traditional certification pro-

cedure of composite structures, in the aerospace industry, follows the

so called building block approach, here graphically schematized in Fig-

ure 1.3.

According to the block diagram, moving from the standardized ma-

terial characterization tests (on the pyramid base) toward the full-scale

tests (pyramid vertex), an increasing in test set-up complexity and

costs occur. The firsts two levels on the pyramid bottom, consists in a

standardized characterization of mechanical coupon and element tests.

These result to be essentials to define the basic material properties

and the response under single load conditions. These highly regulated

tests are repeatable besides easy and cheap to perform. however, they

do not provide accurate information about material behaviour on the

structure scale, not considering the effect of the component geometry

on the material response and the concurrence of different load con-

12



1. Introduction

.

Figure 1.3: Building block diagram scheme for aerospace composite
structures certification [2].

dition. Then, moving from the top of the pyramid to its base the

reduction in costs and increase in the number of tests, goes together

with a reduction in the capability to represent the actual loads acting

on the structure or component in operating condition. This limitation

in integrating material behaviour on different scales is the origin of the

complexity and costs associated with certification process. Therefore,

since the primary objective to enable the expansion of the application

fields of composites is the simplification of the certification and test-

ing process, the primary focus of scientific and industrial research the

understanding of mechanisms linking the transferability of material

behaviour on different scales.

13
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1.4 Multiscale numerical tools

To simplify the decision-making process on every levels of the test-

ing building block diagram, computational models are adopted. The

numerical simulation methods play a central role in complementing

and extending experimental results for the certification processes. The

traditional approach to numerical modelling of a component or struc-

ture is of the type global-to-local (i.e. top-down). It was also a direct

consequence of the need to contain the computational effort and the ab-

sence of detailed material behaviour models (damage models, dynamic

response, interactions between constituents, etc.). On the bottom lev-

els of the pyramid, the experimental results provide the basic material

input for the numerical models, while on its upper levels the model

can be validated and adopted to predict and deepen the material and

structure response. Therefore, historically the calibrated model was

adopted to perform first a linear finite element analysis (FEA) of the

entire structure which was the starting point to define the global stress

distribution and the most critical regions. Subsequently, local models

of the regions of interest allowed detailed evaluations of local stresses

and deformations. This approach has certain disadvantages related to

the fact the foundation of the numerical model rests on a hierarchically

high level of knowledge. In fact, the information provided by the stan-

dardised tests at the base of the pyramid on material response, is itself

the combined behaviour of multiple constituent elements (reinforce-

ment, matrix, interface, interphase, etc.). Since the characterisation is

conducted on a scale at least an order of magnitude higher, the mech-

anisms underlying the failure phenomena cannot be appreciated. It is

instead appreciable on the scale of the tests proposed in the present

work. This results in the virtual test instrument being tied to the ma-

terial on which the calibration was conducted, producing high inertia

with respect to material innovation, because of the high cost and time

needed for the experimental campaign required for the re-calibration.

14
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.

Figure 1.4: Bottom-up multiscale approach numerical modelling and
virtual testing building block diagram

Over the years, both computing capacity and scientific and modelling

knowledge exponentially grew. This made it possible to develop non-

linear calculation procedures allowing the evaluation of stress-strain

states in a much more accurate manner on computationally more ex-

pensive models [5]. This led the opportunity to radically overturn

the pyramid, favouring a new bottom-up approach to the multiscale

simulating strategy [6–8]. The traditional damage and failure phe-

nomenological models needs to be replaced, in all the pyramid levels,

by physically-based models capable to describe more in detail the real

material behaviour. As reported in Figure 1.4, in composite material

simulation many different scale levels are involved: the single ply level

(µm scale), the laminate level (mm scale) and the components and

structure level (m scale).

This relatively recent bottom-up strategy is based on the idea to be

able to transfer information among these different scales, homogenizing

the basic material properties into constitutive micromechanical models.

Although micromechanical approaches have always been considered

superior to purely phenomenological ones, both in terms of accuracy

and effectiveness, the development of robust micromechanical models
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is still hampered by the lack of experimental methodologies to measure

the mechanical properties on the nm− µm scales and the complexity

of the microstructure geometry, which prevent the adoption of simple

analytical approximation [9]. Nevertheless, the continuous growth of

experimental techniques in the field of micro and nano scale testing, is

gradually overcoming this issues.

1.5 UD FRP composites failure

mechanisms

Since formed by two constituents, fibres and resin, presenting remark-

ably different properties, the prediction of damage initiation and prop-

agation in CFRP materials results complex and challenging. The fibres

demonstrate high stiffness and strength and a brittle failure mode with

an highly anisotropic response. Otherwise, polymer matrices result to

be much more weaker and less stiff than the fibres. A ductile damage

mechanism characterize its compression failure behaviour, while the

response in tension results to be essentially brittle [10]. The matrix

yielding point is also sensitive to the degree of triaxiality, by mean it

inversely depends on the tensile or compressive hydrostatic stress com-

ponent. This behaviour was extensively studied in literature [7, 11–13]

and also different yield criterion proposed and implemented in compu-

tational models [14, 15]. The coexistence of reinforcements and matrix

lead to distinctive damage mechanism in UD FRP, as represented in

Figure 1.5, where the surface of failure is reported on a representative

volume element (RVE), for each of the possible loading configuration.

The failure under longitudinal tension or compression is mostly

dominated by fibres. Although the compression failure mechanism, is

also significantly affected by the matrix shear yielding and fibre-matrix

debonding, as found in literature [16, 17]. Failure in longitudinal ten-

sion is essentially linear elastic up to the damage initiation and results
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.

Figure 1.5: UD FRP failure surface scheme for each of the possible
loading configuration [2].

in a brittle break on a plane perpendicular to the fibre direction and

dominated by the fibre strength. It strongly depends on the size and

distribution of the fibre pre-existing defects. On the other hand, in lon-

gitudinal compression the response is governed by the fibres kinking, a

form of compression instability, that leads to the loss of load-bearing

capability. This involves a slightly nonlinear response until the failure

occurs. The kinking mechanism is promoted by fibres waviness due

to a flawed manufacturing. Herraez et al. [17], observed the kink-

ing triggering is also strongly correlated to the fibre-matrix interface

properties. If it results weaker than the matrix, the interface failure

initiate earlier the kinking. The fibre-matrix interface properties have

an important role also in both transverse tension and compression fail-

ure mechanisms. Under transverse tension, the damage initiate at the

fibre to matrix interface, where a stress concentration occurs. It is also

favourite by residual interface stresses resulting from the manufactur-

ing process, in those cases where the interface is weaker than the matrix

[18].Conversely if the interface strength results comparable or higher to

17



1. Introduction

that of the matrix, the compressive residual stresses postpone the inter-

face debonding. In these conditions, the damage is governed by matrix

plastic deformation and the failure occurs once the matrix strength is

reached. In both the discussed cases the failure surface is perpendic-

ular to the applied load. In condition of transverse compression, an

high degree of nonlinearity in the response before failure occurs. The

plastic deformation are localized in shear bands due to the yielding

of the matrix and to the fibre-matrix interface degradation [19]. The

resulting failure surface results to be angled respect to the loading

direction, with the magnitude of this angle depending to the com-

bined interaction of matrix and fibre-matrix interface properties [20].

Lastly, the two shear failure mechanisms in Figure 1.5, also present a

damage mechanism strongly influenced by the matrix and fibre-matrix

interface behaviour. As demonstrated by Totry et al. [21, 22], the

in-plane shear damage initiate, at the microscale, with the formation

of shear debonding at the fibre to matrix interfaces that promote the

propagation of plastic deformation bands along fibres direction. The

consequent fracture surface is thus co-planar to the shear direction.

In the case of transverse shear, the fracture surface is instead about

45° oriented respect to the shear axis. If the matrix is weaker than

the fibre-matrix interface, the damage is triggered by the formation of

plastic bands in the resin and the propagation on these one produce

the failure. Otherwise, the damage is governed by the migration of the

interface debonding among adjacent fibres through the matrix [18].

This heterogeneity in the failure mechanisms not only depends on the

loading configuration, but also on the composite constituents and their

interfacial properties. Furthermore, the described damage mechanisms

interact with each other on the microscale of the individual ply. While

on the higher scale of the laminate, consisting in a stack of plies with

different fibres orientation, these damage mechanisms simultaneously

occur further contributing to the FRP composites failure prediction

complexity [23].
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1.6 Fibre-matrix interface in composite

1.6.1 Interface and interphase definition

The adhesion of the fibrous phase to the polymeric matrix and its

relationship to the properties of the composite has been object of con-

tinuous investigation from the origins of composite materials, since

adequate interfacial properties are an essentials requirement for pro-

ducing a composite with acceptable mechanical properties. Efforts to

explain adhesion through chemical forces, electrostatic interactions,

surface energy considerations, etc. resulted largely not exhaustive

[24]. The attention was on the surface chemical aspect of adhesion,

neglecting other related changes occurring in regions adjacent to the

fibre-matrix interface. More recent findings evidenced as the complex

transition zone between fibre and matrix can’t be reduced to the in-

terface surface only. This region, named interphase, also extends on

both the surface sides, including a portion of both matrix and fibre

results chemically and morphologically different if compared to the

respective bulk materials. This regions may include impurities, non-

polymerized resin or/and resin additives as well as voids and entrained

gases. For these reasons, as proved by L.D. Drzal [25], the resulting

fibre-matrix interfacial properties are always influenced by technolog-

ical aspects involving fibres surface treatments and finishing, matrix

mechanical and thermal properties as well as its volumetric shrinkage

under polymerization. At the molecular level, fibre-matrix interaction

is driven by the two phases chemical structures, by means van der

Waals forces, acid-base interaction and chemical covalent bonds. The

resulting bond strength depends on the interfacial bonds concentra-

tion and it is characterize by the work of adhesion which includes the

contributions of all types of physical and chemical local and non-local

interactions [26]. From the engineering point of view the problem take

the form of identifying bond strengths and critical energy release rate.

This means dealing with the problem at the single fibre level. Because
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of the complexity in the physical and chemical phenomena that influ-

ence the morphology and characteristics of the interface, the problem

of its characterisation is particularly challenging.

1.6.2 Interface testing methods

A large number of experimental methodologies have been proposed in

literature to characterize the fibre-matrix interface properties. Some

of these tests are performed on a higher scale than that of the fibres. It

is the case of tensile tests with the load applied on the fibre transverse

direction or the in-plane shear tests, both performed on the compos-

ite ply scale. These easy to perform experimental methods, supported

by analytical models and computational tools, retrace to the interfacial

properties starting from the sample fracture surface analysis [27]. More

accurate tests are those performed on the micro-mechanic scale, which

involves a single fibre. They aim to a proper isolation of the interface

debonding phenomenon, reducing the influence of matrix failure and

surrounding fibres. In contrast, they present difficulties in specimen

preparation and test execution. The single fibre micro-mechanical tests

may be classified in two main categories. One major group is repre-

sented by those tests in which the load is directly applied on the fibre,

such as push-in, pull-out tests and microbond test. The remaining

group consists of those tests in which is the matrix to be loaded, they

are the fragmentation and cruciform specimen tests. The listed testing

methodologies involve different stress fields at the interface as well as

in both fibre and matrix. Therefore, the fibre-matrix adhesive bond

strength and energy release rate, obtained with these methods, resulted

often not surprisingly different for a given FRP. For all of these tests,

since the average diameter of a single fibre in UD FRP, the use of

specific equipment is required and also the specimen preparation, test

execution as well as data acquisition result very difficult. Following,

with the purpose to point out the state of the art in FRP interface test-
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ing methodology, the most commonly adopted micro-mechanical single

fibre tests will be described both from the experimental methods and

analytical framework point of view.

The fibre push-in test is one of the easier to perform methods for

interfacial properties obtaining. It is performed on a laminate cross sec-

tion slide, placed on a holed holder, in which a single fibre is pushed

through its site in the matrix by means of a nano-indenter. It allows to

continuously monitor the applied load and the indenter tip displace-

ments, providing a force-displacements curve as the one reported in

Figure 1.6. In it three regions can be identified, corresponding to as

many interface debonding evolution stages.

Stage I - Elastic pre-beonding deformation regime

Stage II - Debonding initiation and progress

Stage III - Post-debonding frictional sliding

Figure 1.6

In Stage I, the pre-debonding interface stress field is characterized

by a combination of normal pressure and shear along the fibre axis.
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The fibre confinement leads to an additional component of pressure,

whose maximum value is on the top of the interface surface, where the

confinement transverse strain is maximum. A component of bending

is also induced to the difference between the indenter diameter and the

specimen holder hole diameter. This component increases for thinner

specimens and larger hole diameters [28]. The resulting stress profile

depends on the matrix and fibre elastic properties, the indenter geom-

etry and applied load. The described stress field schematic is reported

in Figure 1.7. The difference in the fibre and matrix thermal expan-

sion coefficient may also induce a residual initial shear stress. Once

.

Figure 1.7: Push-in test interface stress field schematic during the elastic
pre-debonding phase [28].

the interface strength is exceeded, the debonding initiates close to the

fibre upper edge and propagates along its length until it become un-

stable (Stage II). In this phase the interface shows simultaneously a

debonded region, on the top of the fibre, and a still bonded region.

This cause a decrease in the specimen stiffness associated to a progres-

sive reduction in the force-displacement curve slope. The entire inter-

face surface debonding corresponds to an instantaneous drop of the
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load value (Stage III). To this point the push-in force depends on the

debonded in contact surfaces frictional properties and the amount of

the normal pressure [29]. It is possible trace back the average interface

shear strength from the values of force and displacement, according to

the relation reported in equation (1.1).

τ =
F

πDH
(1.1)

Where F is the measured force, D and H respectively the fibre diam-

eter and height. Considering the maximum value of measured force

Fmax in (1.1) the interfacial shear strength τs can be estimated. While

considering the value of force Fb reached during the Stage III sliding,

the respondent τf is the frictional shear stress. However, the shear

strength computed in this way might not be the true bond strength,

since the debonding not occurs instantly. The experimental literature

suggested the more brittle is the interface failure, the more accurate

the strength estimation. This means this testing methods results more

appropriate for those composite that exhibit brittle and high modulus

matrix, like ceramics. Nevertheless, despite this might seem surpris-

ing for a FRP, it has been reported [30] the boundary layers of epoxy

near the fibres surface can exhibit a high elastic modulus and a brittle

crack propagation. Starting from the force-displacement curve also the

energy release rate can be inferred. The theoretical background pro-

posed by Kerans et al. [31] has shown some limitation since both the

propagation is considered linear elastic and no plasticity of the matrix

is accounted.

The pull-out test consists in forcing a fibre to debond from the ma-

trix by applying on it a tensile load. Differently from the push-in test,

this is not a method directly applicable to the actual composite. The

specimen, consisting in a single fibre embedded into a matrix block, is

specifically prepared. The resulting force-displacement curve is quite

similar to those described for the push-in test. It has a linear elastic
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pre-debonding region, characterized by two interface stress component:

shear and a negative pressure induced by the Poisson’s necking effect.

This produce a generally more brittle region of debonding initiation

and propagation, if compared with the push-in test. The load tends

to peak with small changes in slope and then sharply drop. In this

case reduced value of frictional sliding force can be detected, since the

absence of a confinement pressure. However, sometimes an improper

propagation may result. As observed in literature [32], after initiation

the debonding may kink into the matrix, resulting in a 2÷ 7µm thick

layer of resin all around the fibre.

(a) (b)

Figure 1.8: Optical image of a carbon fibre and epoxy resin microbond
specimen (a) and SEM image of the tested specimen, with the knife print
on the resin highlighted (b).

This improper outcomes of the test is associated to a higher value

of frictional force. Based on the same principle is also the microbond

test, consisting in a droplet of resin enveloping a fibre portion (Fig-

ure 1.8(a)). The fibre is loaded in tension between a couple of knife

whose distance is bigger than the fibre diameter, but lower than the

droplet one which remains constrained. As reported in Figure 1.8(b),
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the presence of the knife may produce plastic deformation on the

droplet as well as an additional matrix cracking. This can signifi-

cantly affect the quality of the results. It was demonstrated also small

variation in knife distance produces large difference in load magnitude

and shear stress peak location along the fibre. In general larger the

separation distance higher the bond strength overestimation. Numer-

ical studies evidenced as the knife shape has an affect on the results,

since induces a stress field in a droplet region close to the fibre interface

[33].

An additional experimental methodology to estimate the interface

shear strength, is represented by the single fragmentation test. It was

widely adopted in literature to measure the effect of different surface

treatments on the interface strength of carbon and glass fibres. The

specimen consists in a dog-bone shaped block of resin incorporating a

single fibre oriented along the specimen axis. It is loaded in tension and

the load is transmitted to the fibre as interfacial shear stress. As the

tensile stress rise a fragmentation process of the fibre starts. First the

fibre brakes at its weakest point, then at successively weaker points.

Since the external load transfer on the fibre is operated by the interface

shear stress, the fragmentation process ends when the fibre fragments

tensile strength reaches the interfacial shear strength. This condition

is referred as saturation. The corresponding fibres fragment length is

defined as critical length and denoted as lc (Figure 1.9).

Assigned the fibre, matrix and specimen geometry, the greater lc

and fewer the number of fragment, weaker the interface strength and

vice versa. An analytical interpretation of the test results was proposed

by Kelly and Tyson [34]. They suggested the fibre fragment critical

length lc can be related to the fibre strength σf , the fibre diameter d

and the shear strength τf , according to equation (1.2).

lc =
σfd

2τf
(1.2)
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.

Figure 1.9: Fragmentation test at different stages and critical length
scheme.

This analytical formulation is still the basis of the fragmentation

test results interpretation and may have a threefold interpretation:

first, in the form it is presented in equation (1.2), it allow to esti-

mate lc known the other parameters. Second, σf can be expressed

in function of the fragment length. Third, τf can be computed at

the saturation. Among them, the interfacial shear strength measure-

ment is the most appealing and received in-depth studies to clarify the

methodology. They evidenced as the fragmentation is a very complex

testing method, involving several different micromechanical phenom-

ena as well as difficulties in data acquisition. The major limitation are

represented by:

• the critical length lc definition. It results very hard, due to the

statistical nature of the fibre strength and the reduced accessibil-

ity of the embedded fibre. The fragment lengths for transparent

matrix composites are measured using a conventional optical mi-

croscope, while the acoustic emission technique is adopted for

non-transparent matrices.

• also the tensile fibre strength σf is affected by statistical fluctu-

ation and moreover its estimation, generally performed through
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ex-situ tests, may be irrelevant to describe the in-situ effective

properties.

• it was demonstrated the tensile strain needed for the saturation is

up to three times the fibre failure strain. This means, in matrices

with reduced failure strain the computed shear strength τf is not

the interfacial one but corresponds to the matrix shear yielding.

Despite many analytical study were performed to improve the ac-

curacy of the Kelly and Tyson proposed relation and spectroscopy

and photo-elasticity technique were adopted to monitor the matrix

behaviour close to the interface, fragmentation tests still presents sig-

nificant limitations in fibre-matrix interface properties measurement.

The described testing method aim to estimate the interface re-

sponse in shear mode only. To characterize the properties in normal

mode, a stress field transverse to the fibre axis must be exerted on the

interface surface. It can be achieved with the cruciform specimen test.

It consists in a single fibre embedded in one of the two arms of a cross

shape sample made by resin. As schematized in Figure 1.10, the other

arm is clamped and loaded in tension. The angle ϕ between the two

arms governs the load transmission direction on the interface, ϕ = 90◦

allows to test normal mode, while different angle produce a shear and

normal stress combination.

The distribution of stress σn at the interface is characterized by

higher value around the middle of fibre length, which progressively

decrease toward the extremity. This results an advantage, since it

avoid the effect of stress concentration at the fibre ends that is the

predominant cause of precocious debonding initiation in tests such as

push-in and pull-out. Therefore, the interfaces in cruciform specimens

can sustain a much higher stress before failure than the other presented

specimens type.
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.

Figure 1.10: Cruciform specimen scheme.

1.6.3 Role of interface in damage mechanisms

As discussed in section 1.5, the fibre to matrix interface plays a fun-

damental role in the most of the FRP composite damage mechanisms.

For this reason, in structural field its determination was experimen-

tally tested and numerically investigated over time. In 1991 Curtin

[35] proposed a failure model for ceramic matrix composites based on

the global load transfer (GLT) principle, that estimate the strength of

an unidirectional composites as a function of the fibres strength and

interfacial strength. Further studies demonstrated this theory can be

applied to UD FRP, but in a limited number of cases and and with

inaccurate results on the composite strength prediction [36, 37]. More

detailed models were based on a local load transfer principle, con-

sidering the effect of stress concentration through a complex analyti-

cal formulation and the adoption of statistical Monte-Carlo simulation

[38–41]. Ha et al. [42] demonstrated both the strength of the matrix
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and the strength of the interface, govern the transverse final strength

of an UD composite. Koyanagi et al. [43] investigated the unidirec-

tional CFRP and GFRP composite strength, as a function of the fibre,

matrix and interfacial strengths. They experimentally estimated the

interfacial shear strength through two kind of micro testing: the frag-

mentation test and the push-out test, by finding the two methods may

not be equivalent. They also applied the GLT model to analytically

predict the UD composite strength and compared the results with a

large amount of experimental outcomes on different UD composite ma-

terials, here reported in Figure 1.11.

(a) (b)

Figure 1.11: Graphical comparison between experimental and GLT
predicted srengths for several UD composites (a) and list of investigated
UD composite (b) [43].

The comparison demonstrate the GLT has a good prediction capa-

bility for few of the considered UD composites, while for the majority

it greatly overestimate the effective material strength. The same can

be also appreciated among the tested FRP subset (materials from n°
1 to 4 in Figure 1.12(b)). Therefore, Koyanagi et al. proposed a mod-

ification of the model to also consider the effect of simultaneous fibres

failure. It take into account when a weak fibre fails also some neigh-
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bouring fibres can fail simultaneously, because of the propagation of the

damage through the surrounding matrix. The proposed modification

demonstrate improve the UD composite strength predictivity, although

still based on a phenomenological approach. Anyway a relevant evi-

dence emerged: the UD composite strength is greatly influenced by

the fibre-matrix interface strength and by its mutual interaction with

the matrix strength. In Figure 1.11(a), the strength as a function of

the interfacial strength is reported for a group of UD carbon reinforced

composite, manufactured with three different epoxy resins. The tensile

strength of each resin is listed in the legend named as σm. It can be

seen with the interfacial shear strength rising, the composite strength

first increase up to a maximum, then starts to rapidly decrease. This

is because on the left of the maximum, the composite damage initiate

at the interface with the fibre debonding, while on the maximum right

the damage initiate due to the matrix failure. This is also why the

composite strength dependence to the matrix strength is visible only

on the right branch of the curves, where the damage initiation actually

depends on the matrix. Finally, in Figure 1.11(b) the UD composite

strength is reported in form of surface in function of both the interface

shear strength and matrix strength.

The effect of the temperature, on the interfacial normal strength,

also was investigated in literature. Koyanagi et al. [27] characterized

the fibre-matrix interface properties through macro-scale tests and a

computational approach. UD carbon/epoxy specimens were tested in

the direction transverse to the fibre, under tensile load, at various

temperatures and strain rates. A 2D finite element model (FEM),

representing a single fibre embedded into the resin, was developed.

It allowed to estimate the stress concentration and the residual micro-

stress field at the interface critical point, demonstrating a cohesive zone

model (CZM) can be adopted to numerically modelled the interface be-

havior. The authors concluded the interface strength in normal mode

is independent of temperature, because the experimentally measured
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(a)

(b)

Figure 1.12: Unidirectional composite strength as a function of
interfacial shear strength (a) and as a combination of interfacial shear
strength and matrix strength (b) [43].

variation can be charged to the thermal residual stresses field. Also

the strain rate was found not affect the interface properties. Straub
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et al. [44] investigated a kevlar/epoxy interface properties adopting

a micro-bond testing method. Different testing temperature and load

application speed were probed. The authors declared the interfacial

shear strength decrease with the temperature rising and the effect of

testing rate is negligible. Koyanagi et al. [45], in a not so much more

recent study than the previous one, adopted the cruciform specimen

method to investigate the normal mode interface strength and its de-

pendence on the temperature, in glass/epoxy composite. In this work,

also two different resin polymerization temperature were investigated

to estimate the effect of manufacturing process on interface proper-

ties. It was found the interface strength does not increase as tempera-

ture increases, while an increment in normal interfacial strength occurs

when the composite is cured at an higher temperature. Therefore, the

interfacial strength temperature independence, was obtained for the

normal strength with macro-scale tests [36] and with micro-scale tests

[45], while the opposite was for the shear strength, tested adopting a

micro-scale experimental approach [44]. In all the presented studies,

an estimation of the interfacial properties was attempted. Some of

them inversely extrapolated an interface properties set consistent with

the macro-scale UD composite failure evidences. Others tried exper-

imentally measure the interface properties in normal or shear mode,

adopting both macro-scale and micro-scale tests. In each of these cases,

the results showed an high uncertainty and often produced conflict-

ing results. This is partly because of the trouble in experimentally

measure the fibre-matrix interface properties. Since no unified testing

procedures are available and the literature proposed tests resulted in-

effectual both on micro than in macro scale. And partially because the

understanding of the interface bond formation, on the molecular scale,

at the chemical and physical level results still very restricted.
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1.7 Motivation and objectives of the work

As discussed, application of UD FRP in the field of industry and par-

ticularly in aerospace became rapidly widespread since their introduc-

tion. The lightweight, high rigidity and strength, together with the

opportunity to tailor the mechanical properties on the specific appli-

cation requirements, made composites a flagship of innovation. Since

the market’s increasingly stringent demands for safety, performance

and pollutant emissions, composite components and structures require-

ments in terms of structural response and certification gradually raised.

In this innovation process, analytical and numerical tools, as well as

experimental and technological procedures, widely established in the

design of such components and structures, began to show some limi-

tations. As detailed highlighted in this introduction, in FRP damage

definition and characterization, both the experimental methods and

numerical approaches resulted to be largely insufficient to define ro-

bust standardized procedures. This is because a full understanding

of the phenomenon on all the scales is still missing and limited to

the opportunity to perform ever more complex and detailed investi-

gation about micromechanical aspects. The regulated experimental

procedures date back to the early beginnings of these studies and the

computational methodologies are basically based on phenomenological

models. In recent years many studies investigated new procedures for

FRP characterization, leading to innovative approaches to modelling.

However, because of the uncertainty and complexity of these new tools,

they are still not applied to composite industrial design and produc-

tion world. Nevertheless, the importance of thoroughly understand

and systematically measure the FRP micro-scale properties, such as

the fibre-matrix interface, emerged. It was proved it plays a central

role in the macroscopic response we appreciate and sometime we are

not able to justify.

For these reasons, with the purpose of minimally contribute to the
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knowledge about the topic, in this work a never attempted experimen-

tal methodology is tuned and integrated with a computational method.

So a novel approach to the fibre-matrix interface properties character-

ization of UD FRP is proposed.

1.8 Dissertation structure

In the following chapters, the adopted experimental and numerical

methodologies are presented and thoroughly justified. A never applied

before in composite, testing experimental procedure, is introduced and

the specimen preparation detailed. Then the performed campaigns of

tests are deepened. Afterwards the proposed numerical model devel-

opment and validation process is discussed and and the computational

methodology it is based on described. The experimental and numerical

results are presented and the interface properties identification process

explained. Finally the found interface properties are presented in the

light of the literature available ones for the investigated material.
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Chapter 2

Experimental Methods

2.1 Micro-cantilever test introduction

In recent years, the deformation of small volumes of material has

been of great interest to the scientific community. This because of

the miniaturizing of mechanical components in application fields such

as bio-engineering, nano-actuation, micro electro-mechanical systems,

functional thin film deposition etc. Classical continuum theory is the

most broadly used tool to predict the structural behavior of materials

and reflect it in structural analysis and design. As the dimension of

the structure decreases, the stiffness predicted by classical continuum

theory becomes lower than that of the real structure. This is because

material properties begin to deviate from bulk scaling laws as char-

acteristic dimensions become small. This means the bulk properties

can no longer be applied to the micro scale systems and the specimen

size effect of the mechanical properties at micro scale range is critical

[46]. Since the application of conventional testing methods to the micro

scale range presents significant limitations, a variety of micro-testing

methods have been developed. The majority of the growing nano-

scale data-set of materials and geometries are tested in compression,

via nano indentation and micro pillars. These results to be the easiest
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tests to perform. Other methodologies such as tensile and cantilever

bend micro testing, have been utilised to a lesser extent to test material

response under different stress states, particularly tensile stresses.

The novel experimental approach to the fibre to matrix interface

characterization, presented throughout this dissertation, was make pos-

sible thanks to the IMDEA Materials Institute, with the help of the

Structural Composite Group. The experimental specimen prepara-

tion and testing campaigns were conducted at the IMDEA laboratories

adopting their facilities. Also the tested material was provided by, and

prepared at, the IMDEA materials institute.

.

Figure 2.1: Literature SEM image of a MoS2 micro-cantilever beam, into
the inset a beam cross section detail is reported [47].

The micro-cantilever test (MCT) consists in a typical free-standing

cantilever beams loaded with a force on the extremity. The pecu-

liarity is that the specimen is microscopic. The induced strain is a

mix of bending and shear. Since the specimen is milled from a macro-

scopic block of material and the load is simply applied through a nano-

indenter tip, this test overcomes many of the difficulties of gripping

and constraining the specimen that limits the performance of non-

compression microscopic tests. In Figure 2.1 a literature example of

micro-cantilever beam is reported. It is a scanning electron microscope

(SEM) image of a molybdenum disulfide micro beam in frontal view.

A beam cross section detail is reported into the inset [47].
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MCT method was widely adopted in literature. David E.J. Arm-

strong et al. [48] experimentally investigated the Young’s modulus

anisotropy of polycrystalline copper through MCT. They found at the

microscopic scale a dependency of the Young’s modulus on the crys-

tals orientation exists. The MCT resulted to be a useful approach

to measure this effect. Jae-Hoon Choi et al. [49] adopted MCT to

understand the size effect in gradient elasticity. MCT on cantilevers

with various thicknesses were performed to demonstrate increase in the

bending rigidity with decrease in beam thickness. They evidenced, un-

like beam solution from classical continuum theory, the effective elastic

modulus measured from micro-scale experiments was not a constant.

The MCT method was also adopted in thin coating films characteri-

zation. Dongil Son et al. [46] estimated Young’s modulus and tensile

strength of Aluminium and Gold coating film through in-situ MCT.

The results showed to correctly estimate the searched material prop-

erties if compared with literature data obtained by nanoindentation

test. Furthermore, they also evidenced a correlation between the coat-

ing film micro-morphology and the measured properties. MCT method

was also adopted in interface properties characterization. J. Schaufler

et al. [50] tested in-situ the interface fracture strength and tough-

ness of hydrogenated carbon coatings on steel substrate. The authors

found, under slight difference in the adhesion layer properties, totally

different interface failure behavior.

Despite the large number of MCT application which can be found

in literature, to the best of the author knowledge, this type of experi-

mental method has never been applied to FRP.
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2.2 Material

The novel experimental and computational methodologies presented

throughout this work were tested on the IM7-8552 UD CFRP materi-

als with the collaboration of the Composite Material Group of IMDEA

materials institute. It is a well known material, extensively adopted in

aerospace industry and deeply investigated in scientific publications.

Therefore it is perfect to validate the novel micromechanical testing

and computational modelling methodologies developed in this work.

The HexTow IM7 is an high performance intermediate modulus car-

bon fibre widely applied in aerospace industry. The Hexcel 8552 resin is

an amine-cured epoxy containing polyethersulphone. This is a tough

resin that has been used for aerospace applications for many years.

The IM7-8552 system is very popular and its properties and perfor-

mance are well known to the industry. The material was supplied in

form of unidirectional fibres prepreg, with areal weight of 268g/m2.

The mounted samples, in which the micro-cantilever specimens were

carved, were extracted from 4 plies [0◦/90◦] laminate. It was manufac-

tured by hand lay-up, vacuum pressed and then cured in an autoclave

at 180 ◦C for 135 minutes, with a heating/cooling rate of 2 ◦C/min.

A pressure of 7 bar was applied during heating, curing and cooling.

The resulting single ply thickness was equals to 0.25mm and the nom-

inal fibre volume fraction was the 60 %. The IM7-8552 mechanical

properties were extensively studied in literature. Rueda Ruiz [2] in his

dissertation performed both macro and micro mechanical characteri-

zation thereof. He also tested the fibre and neat matrix standalone.

Other authors estimated the same properties for IM7 fibres and 8552

resin manufactured with different production technologies and tested

under different strain rates. In Table 2.1 the elastic properties adopted

in the present work for IM7 fibres and 8552 resin are reported.

According to literature evidence the 8552 resin is considered as

isotropic, while the IM7 fibre is transversely isotropic. The reference
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Table 2.1: IM7 fibres and 8552 resin estimated elastic properties.

IM7 properties

E1 [GPa] E2 = E3 [GPa] ν12 = ν13 ν23 G12 = G13 [GPa] G23 [GPa]

275.69 24 0.23 0.46 36.6 4.7

8552 properties

Em [GPa] νm

4.2 0.25

system adopted for the fibre is oriented so that the local 1 axis matches

the fibre longitudinal axis, while the remaining axes 2 and 3 lie on the

fibre cross-section plane. The best mechanical properties are expressed

along the direction 1, while along the other two axes the properties are

lower and comparable. The values considered in this work represents an

average among the literature proposed ones. To confirm those correctly

describe the elastic behaviour of considered materials, a sensitivity

study has been conducted on the numerical proposed model which are

going to be presented in the following Chapter 3.

2.3 Specimens design and manufacturing

The MCT applicability to UD FRP interface testing was evaluated.

Characterize the fibre-matrix interface through MCT in a UD FRP,

means mill the beam inside a single carbon fibre so that the interface

surface represents the connection between beam and surrounding ma-

trix material. In this way the testing condition presented in 2.1 are

fulfilled. The test configuration results similar to a cantilever beam

connected to a deformable block. The beam and the block results to

be made of different materials and straddling these two is the interface

surface, positioned close to the constrained end of the beam. Given the

average diameter of a single carbon fibre in the range 5 ÷ 20µm, the
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difficulty in specimen machining is evident. The micro-cantilevers fab-

rication was performed in a combined dual beam equipment, equipped

with a SEM and a focused ion beam (FIB) system, available at the

IMDEA materials institute. The electron and ion beams intersect at

a coincident point with an angle α = 52◦ allowing simultaneous SEM

imaging and FIB milling. By carefully controlling the energy and in-

tensity of the ion beam, it allows to mill the material surface with

nanometric precision. In Figure 2.2 a schematic representation of the

dual beam equipment is reported. In addition to the two beams a gas

injection device is also represented. It enable gaseous media such as

argon, hydrogen or other noble gases to be injected close to the sample

surface

.

Figure 2.2: Schematic representation of a dual beam equipment

The machining needs to be performed under vacuum conditions to

prevent material oxidation and undesired beam interactions with the

atmosphere. The UD FRP sample is thus placed in a vacuum chamber

where the milling is executed. The specimens were obtained by eroding

material on a surface section, perpendicular to the fibres direction, of

a UD CFRP laminate. A clean and regular machining surface portion
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is identified, through live SEM imaging. Then, one of the randomly

disposed in the matrix fibres should be selected. It is important in this

choice the fibre is sufficiently spaced from the others surrounding. Thus

guaranteeing a defined fibre-matrix interface available and avoiding the

presence of fibres clusters could affects the tests execution.

Table 2.2: FIB parameters for IM7-8552 milling process.

Milling Current Voltage Depth

Step I Ga+ ion beam 9.3 nA 30 Kv 8 µm

Step II Ga+ ion beam 0.79 nA 30 Kv 5 µm

Step III
Ga+ ion beam

and assisting gas
(MnSO4)7H2O

2.5 nA 30 Kv /

A systematic methodology leading to regular micro-cantilevers, through

three milling and a final finishing steps, was developed and following

reported:

Step I - a horse-shoe shaped pattern, embracing the fibre, is defined

and the first milling performed eroding material in the fiber di-

rection. The milling interests a depth equals to 8µm and the FIB

was set at a voltage of 30Kv and a current of 9.3nA.

Step II - the FIB is tilted of its maximum angle (α = 52◦) to under-

cut the specimen side and obtain the cantilever. The machining

is repeated on the other specimen side by rotating the FIB 180◦

around the specimen beam axis. This milling steps, interesting a

depth of 5µm, is performed adopting a current reduced to 0.79nA

and maintaining the same voltage value. The tilted milling direc-

tion is the reason of the characteristic upside down house shape

of the cantilever section, as graphically reported in Table 2.3.
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Step III - in this milling phase the former steps are retraced to refine

the cantilever shape and sharpen its edges. This phase is con-

ducted with maganese sulfate heptahydrate assisting gas and the

FIB working parameters set according to Table 2.2. The adop-

tion of gas assistance is due to the need to reduce the thermal

injuries the process produce on the material near the milling re-

gion. It also allows to increase the cutting quality by sharpening

the cutting edges. On the other hand it needs a much higher

cutting time.

In Figure 2.3 a schematic representation of the described milling

steps is reported. Cutting pattern and milling steps outcomes are

reported for both Step I (Figure 2.3(a)) and Step II (Figure 2.3(b)),

together with the related milling direction. A fully processed micro-

cantilever beam representation is showed in Figure 2.3(c) with the

fibre-matrix interface highlighted.

An SEM image of a ready to be tested specimen is here reported in

Figure 2.4. In it can be seen the cantilever beam carved straddling a

single fibre and a matrix portion, the interface between them and the

surrounding fibres and matrix.

A total of 54 micro-cantilever samples were carved during 6 ex-

perimental preparation campaigns. In each campaign the fabricated

specimens were classified by numbering them individually and mea-

sured via live SEM imaging. Since the handcraft nature of the pro-

duction process, the cantilever length and the section shape may differ

among the campaigns. Thus the statistical analyses to derive the spec-

imens characteristic measurements, were conducted by campaign. As

reported in Table 2.3, the average and deviation values, of cantilever

length (L) and section geometrical measurements (H, B, W, Area),

were computed. These statistical information are going to be adopted

to the computational model design and validation. The nomenclature

system adopted in the present dissertation identifies each preparation

campaign with the letter C followed by a number from 1 to 6. Further,
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(a) (b)

(c)

Figure 2.3: Schematic representation of milling patterns and cut
outcomes for Step I (a), Step II (b) and fully processed micro-cantilever
sample (c) with fibre-matrix interface highlighted.
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Figure 2.4: SEM image of a ready to be tested micro-cantilever beam

all the samples in each campaign are numbered so that C3.1 uniquely

point the first specimen of the third campaign. To comprehensively

explore the feasibility of testing the interface via MCT, different can-

tilever beam proportion and testing mode were verified. With this

purpose the specimens differs as follow:

• C3, C4 and C6 were fabricated with a more than halved cross

section height (H) respect to the remaining C1, C2 and C5 cam-

paigns. This allowed to investigate the effect of different section

shape on the tests outcomes. The reduced height section, referred

as Slim section, promotes more bending over shear if compared

to the other Regular one.

• C5 was fabricated with a reduced cantilever average length (L),

to evaluate its effect on results. It was referred as Short can-

tilever.
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• a notch was carved along the C2 specimens upper edge of the

fibre-matrix interface, with the purpose to promote the debond-

ing initiation and guide the propagation. A C2.3 specimen details

can be seen in the SEM image of Figure 2.5.

• C6 represented a benchmark specimens group, they were man-

ufactured from the matrix alone. There was neither fibre nor

interface. They were tested to characterize the matrix fracture

response and discern, on the other test results, a proper fibre-

matrix debonding to a crack propagation kinked into the matrix.

Table 2.3: Cross section geometrical and cantilever length measurements,
reported as average value µ and standard deviation Σ for each of the
performed experimental preparation campaigns.

Camp.
L H B W Area

Cross section geometry
[µm] [µm] [µm] [µm] [µm2]

C1
µ 4.861 3.883 2.793 2.248 8.562
Σ 0.151 0.309 0.082 0.197 0.574

C2
µ 4.938 4.687 2.803 2.916 10.658
Σ 0.213 0.465 0.289 0.379 1.748

C3
µ 4.293 2.567 2.532 1.168 4.731
Σ 0.337 0.095 0.107 0.217 0.245

C4
µ 4.735 2.313 2.049 1.128 3.527
Σ 0.149 0.187 0.115 0.067 0.379

C5
µ 3.802 4.072 2.912 2.401 9.426
Σ 0.211 0.115 0.368 0.081 1.29

C6
µ 4.523 2.581 1.984 1.091 3.643
Σ 0.116 0.211 0.212 0.117 0.529

2.4 Testing mode

Since the main aim of the present work is the interface characterization

both in mode I and II, a proper way to isolate each failure mode was

proposed. The shear load was promoted by testing the specimens

adopting a flat tip nano-indenter, with a diameter equals to 3µm. In
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Figure 2.5: SEM image of C2.3 specimen with the notch highlighted

this way the pressure resultant force is applied close to the cantilever

interface section, reducing bending and increasing shear. On the other

hand, to perform a mode I characterization, an opening strain must

arise at the interface. This occurs at the upper region of the interface

surface, when a bending moment is applied. Despite it is not a pure

opening, it results to be the only way to perform a mode I test on this

geometry, since the whole specimen dimensions prevent the adoption

of any alternative clamping of the cantilever free end. The mode I

characterization was performed by applying the load as far as possible

from the interface surface, by adopting a cube corner tip to concentrate

the load at one application point. A schematization of both the test

configuration is reported in Figure 2.6.

The micro-cantilevers were tested in aHysitron TI950 nano-indenter

machine. The nano-indenter position was operated via atomic force

microscope (AFM). It is a widely applied scanning probe microscope

technique to obtain topographic features of sample surfaces in a height

image on both insulating and conducting structures with a nanome-
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(a)

(b)

Figure 2.6: Schematic representation of mode II test configuration (a),
with flat indenter tip and shear stress at interface, and mode I test (b)
with cube corner indenter tip and bending stress distribution.

ter resolution. Also for the texts execution the specimens grouping by

campaign was followed. In Table 2.4, for each campaign the number
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of tested specimens, the testing mode and the section and cantilever

characteristics were reported.

Table 2.4: micro-cantilever test groups

Camp. Test n◦ Testing mode Section Samples description

C1 12 Mode I Regular /
C2 12 Mode I Regular Notched
C3 6 Mode I Slim /
C4 16 Mode II Slim /
C5 4 Mode II Regular Short beam
C6 4 Mode I Slim full matrix

The tests were performed under displacement control and, to moni-

toring the debonding progress, a group of tests was performed by cycli-

cally increasing the displacement. The indenter velocity was set to 5

nm/min. According to the Rueda Ruiz [2] findings about strain rate

effect on IM7-8552 mechanical response, the imposed velocity repre-

sents a quasi-static loading condition. The experimental outcomes were

collected according to specimens campaign production and reported in

form of measured load average value and deviation vs. imposed inden-

ter displacement.
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Chapter 3

Experimental Results

3.1 Mode I test results

The experimental campaigns conducted to characterize the mode I

interface debonding, involved the specimens groups from C1 to C3.

These represents the group of specimens tested by cyclically increasing

the load and by adopting the cube corner tip. Following the experi-

mental outcomes are presented. First the results of some sample tests

will be discussed, on these the failure mechanism will be explained and

some critical issues highlighted. Then the cumulative results of the

whole mode I testing campaign will be presented. In Figure 3.1(a) the

SEM image of the C1.3 tested specimens is reported and the debonded

fibre-matrix interface highlighted. The debonding initiated at the up-

per interface edge and properly propagated on its surface, thus the test

was considered successfully executed. The corresponding measured

force over indenter depth curve is depicted in Figure 3.1(b). The effect

of cyclical displacement load application is clearly visible (blue curve).

It shows a first linear force trend, corresponding to the pre-debonding

phase, whose slope K represents the specimen initial stiffness. Then

a load drop, produced by the debonding initiation, can be seen. The

following force plateau is representative of the interface damage stable
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propagation phase. The red dotted line indicates the load vs depth, in

pre-initiation and stable propagation conditions, under not cyclically

applied displacement.

As mentioned in presenting the experimental campaign classifica-

tion, a group of specimens were manufactured by milling a notch on

the upper edge of the interface with the purpose to promote a proper

debonding initiation. The C3.2 specimen was among them and re-

sulted in a correct debonding. A clean and clear debonding process

can be seen (Figure 3.2(a)) on both the fibre and matrix surfaces, as

well as the indentation produced by the cube corner tip on the mi-

crocantilever beam top surface is visible. It may also be appreciated

from the SEM image a matrix crack localized on the side edge of the

interface. This parasite matrix damage resulted to be a quite frequent

phenomenon. It is due to a stress concentration in that regions which

can be ascribed to the shape of both the interface surface and specimen

geometry. The respective experimental load over depth curve, reported

in Figure 3.2(b), shows the same trend of the below described C1.3 test.

Most critical respect to the tests success was the kinking of whole

the debonding front inside of the matrix. This phenomenon resulted

quite frequent in the slim section mode I tested specimens. In these

cases the debonding correctly initiates at the upper interface edge, but

at the beginning of the stable propagation, a matrix crack is triggered.

Thus the test proceeds on a favorable, 45◦ oriented, crack path. Since

the migration of the whole debonding front into the matrix, these were

considered failed tests, contrary to the tests where the matrix crack-

ing interested only a small region close to the interface surface side

edges (i.e. C3.2). An example of invalid test outcome is reported in

Figure 3.3, it is the C3.4 specimen. The matrix crack propagation is

clearly visible and it interests all the specimen width.

The related experimental curves showed both a much higher max-

imum force and depth, respect to the properly proceeded tests.

As below reported for the two tests C1.3 and C3.2, the experimen-
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(a)

(b)

Figure 3.1: C1.3 mode I tested specimens, with interface debonded
highlighted (a) and the respective experimental load vs depth curve (b)
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(a)

(b)

Figure 3.2: C3.2 mode I tested notched specimens, with parasite matrix
crack and cube corner indentation highlighted (a) and the respective
experimental load vs depth curve (b)
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Figure 3.3: SEM image of C3.4 specimen with whole debonding front
kinked and propagated into the matrix.

tal outcomes related to mode I testing conditions were analyzed and

post-processed. The properly debonded specimens were identified and

the correspondent measured load over continuously applied depth re-

trieved. A statistical calculation, namely the average and the standard

deviation of the load over the depth, was make.

The unnotched specimens results are reported in Figure 3.4(a),

while the notched specimens results in Figure 3.4(b). The absolute

value of the average maximum force resulted quite similar, while the

corresponding depth is higher for the unnotched specimens.

To better understand the effectiveness of the notch presence on

the tests execution success and repeatability, a comparison between

the notched and the unnotched specimens test results were conducted.

Since the two specimens type were manufactured in different prepara-

tion campaign, they presented difference in cross-section dimensions,

which were instead found to not significantly affect the specimens

within the same campaign. To conduct the comparison, the results

were normalized respect to the effective cross-section area. Thus, the

normalized load over depth was considered and reported in Figure 3.5.

The two group of normalized results showed the same initial stiff-
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(a)

(b)

Figure 3.4: Average and standard deviation of applied load over depth,
for unnotched (a) and notched (b) specimens, tested in mode I.

ness and a similar trend in the debonding evolution. The notched

specimens resulted instead in a lower maximum force, probably due to

the presence of the notch itself. However, the most significant results

emerged from the comparison, is related to the amplitude of the stan-

dard deviation. The presence of the notch appears to lead a greater

results dispersion, if compared to that one of the unnotched specimens.

Since the presence of the notch did not lead to an higher number of

succeeded tests, its adoption was discarded as a functional solution to
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Figure 3.5: Normalized with respect to the cross-section area load over
depth, for the unnotched and notched specimens tested in mode I.

include in the proposed experimental methodology. Similarly the re-

sults provided by the C3 campaign showed the slim section produced

more chance of kinking of the debonding into the matrix. Therefore

the most accurate results were obtained from the C1 group of speci-

mens which were considered for the mode I calibration and validation

of the numerical model.

3.2 Matrix carved specimens results

As mentioned, the presence of matrix crack resulted frequent over the

conducted interface testing. In some cases the phenomenon extent was

easy to identify, while in other cases the tested specimen SEM images

were inadequate to identify the proper or the improper tests outcome.

Thus, the purpose in testing specimens made of matrix without any

interface, was to investigate the matrix crack behaviour. It led to

extrapolate a benchmark to identify those tests, among the other cam-

paigns, where the matrix crack was the dominated damage mechanism.

This class of tests represented the C6 preparation campaign, tested un-
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der mode I condition adopting the cube-corner indenter tip. All the

tested specimens resulted in the same damage mechanisms, here re-

ported in Figure 3.6 for the C6.4. The damage naturally initiate close

to the constrained micro-beam section and then propagates on a path

45◦ oriented as seen in some not succeeded interface tests.

Figure 3.6: C6.4 tested specimen with matrix crack highlighted.

The outcomes in term of load over displacement curves are collected

in the form of average values and standard deviation in Figure 3.7. The

trend of load vs depth looks quite linear, showing a smooth change of

slope around the 0.3µm of depth. It is probably due to a combination

of crack initiation and plastic deformation of matrix. A detailed discus-

sion about the contribution of both will be presented in the numerical

results section. The crack propagation results to be quite rapid, since

no reduction in load can be detected before its drop to zero.

The presented results about matrix carved specimens failure, were

compared to the interface tested specimens exhibited an improper fail-

ure. These letter showed the same damage mechanisms detected in the

matrix carved C6 specimens. It suggests for the considered IM7-8552

the mode I interface strength results to be comparable with the matrix
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Figure 3.7: Average and standard deviation of applied load over depth
for C6 specimens made of matrix.

strength.

3.3 Mode II test results

The experimental campaigns conducted to characterize the mode II

interface debonding, involved the specimens groups C4 and C5. The

C5 specimens group were the first attempt to estimate the mode II

behaviour. They were tested by adopting the cube corner indenter tip

and, presenting a reduced micro beam length, were tested by apply-

ing the load as close to the interface as possible. The load was also

imposed in form of cyclical displacement increments. The preliminary

results showed the cube corner sharp tip induced an improper test

outcomes, by mean the indenter penetrated the micro beam surface

not inducing a proper debonding. The effect of this test configuration

can be appreciated in Figure 3.8. The punctual load, applied close

to the fibre-matrix interface, produced a specimen damage leads to a

destructive test outcome.

The related load over depth curve (Figure 3.9), showed a distinctive

rising load trend over the entire test execution. Only a load drop strad-
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Figure 3.8: C5.1 specimen failed mode II test, conducted adopting the
cube corner indenter tip positioned close to the fibre-matrix interface.

dling 0.2µm of depth was visible. It matched to a damage initiation

which produced a reduction in the curve slope (from K to K ′), but no

propagation followed this drop. The test instead continued with the

new slope up to the termination caused by the excessive load reaching

(1400µN). The author presumes the described behaviour indicates the

specimens did not deform as expected, thus the curve slope is not only

the specimen stiffness, but it is also the hardness offered to the indenta-

tion. Further, the cyclic loading ramps, identified by the black lines in

Figure 3.9, do not showed the characteristic slope reduction, indicating

the specimen compliance increase due to the damage propagation.

To successfully complete the tests, the indenter needs to be po-

sitioned far from the interface. The average distance of the load

application point from the interface, estimated via AFM measure-

ments, leading to a proper tests outcomes was estimated as equals

to 1.806 ± 0.947µm. The remaining C4 group specimens were thus

tested in this last configuration by cyclically applying the load. The

related experimental load over depth curves, are showed in Figure 3.10

in the form of peak trend curve.

In this modified test configuration a reasonable outcome is reached.
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Figure 3.9: C5.1 specimen load over depth curve, with highlighted the
the cyclic loading ramps (black lines) and the whole tests stiffness K and
K ′.

Figure 3.10: C5.2 to C5.4 specimen test results in term of load over
depth curve, the tests ere conducted by adopting cube-corner tip and
applying the load as closer to the interface as possible.

The remaining specimens from C5.2 to C5.4, showed the same initial

stiffness and a linear path extending up to a load value of 350µN .

Then a progressive slope reduction is always visible and the average

maximum force of 600µN looks to be a feasible value. However, The

amount of successfully tested specimens do not allows to perform sta-
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tistical calculation or evaluate the configuration repeatability. Further,

the induced stress fields resulted to be a combination of mode I and

mode II, since the value of load application point distance from the

interface. Therefore this testing configuration was discarded and the

mode II tests on C4 specimens group executed by adopting the flat tip

rather than the cube corner tip.

The adoption of the indenter flat tip, as discussed in section 2.4,

allowed both to avoid undesired indenter penetration and apply the

load closer to the interface border. The 16 tests performed with this

configuration resulted successful. They showed a trend quite similar to

the properly performed C5 specimens, here reported in form of average

and standard deviation load over depth in Figure 3.11.

Figure 3.11: Average and standard deviation of load over depth for C4
specimens group, tested in mode II and adopting the flat indenter tip.

Under these testing condition the linear section of the curves stretches

until a load drop close to a load equals to 350 ± 50µN . Then the

curve proceeds with the same slope that quickly decreases until the

abrupt failure. All the tested specimens resulted in the complete de-

tachment of the micro beam from the resin interface, as visible in

Figure 3.12(a) for the C4.11 specimen. It also produced a clean and

searchable debonded surface on both the fibre and the matrix (Fig-

ure 3.12(b)).

61



3. Experimental Results

(a)

(b)

Figure 3.12: SEM image of mode II tested C4.11 specimen, the complete
micro beam detachment is visible (a) as well as a detail of the debonding
surface (b).
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Chapter 4

Computational Methods

4.1 Introduction

Similarly to the interface testing methods presented in section 1.6.2 and

adopted in literature, the proposed MCT only provide direct measure-

ments of indenter displacement and corresponding force (section 2.4).

This is because of the reduced dimension of specimens and the difficul-

ties in test performing. These results are largely inadequate to inves-

tigate the interface debonding phenomenon. Furthermore, as shown

in section 6.1, the analytical background presents a limited range of

applicability since the approximation in the description of the phe-

nomenon and the limitation of continuum mechanics approach to the

pre-debonding status. Combination of numerical tools and experimen-

tal activities is a well-established practice. Many of the previously

mentioned scientific works enforced computational methodologies to

deepen several aspects of the problem otherwise unknowable. In this

work the interface properties of IM7-8552 were identified via FEM,

on the base of the proposed experimental methodology results. In this

chapter the numerical model implementation and its calibration, based

on the literature available material properties and the conducted ex-

perimental outcomes, are reported. The model geometry and compu-
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tational settings are detailed and a brief theoretical background about

CZM principles presented. Thus the CZM implementation into the FE

model is described.

4.2 Numerical model

The experimentally proposed microcantilever test was numerically im-

plemented on Abaqus/Standard FEA software. A 3D geometry of the

single fibre cantilever beam, embedded in a matrix block and subjected

to the indenter, was reproduced. The cantilever beam dimensions were

assigned according to the measurements experimentally acquired via

SEM and reported in Table 2.3. Separate models were realized for each

of the examined preparation campaigns (section 2.3). An illustrative

image of the obtained FEM is here reported in Figure 4.1, in it are also

showed the local fibre reference system (1, 2, 3) and the global model

reference system (x, y, z). It should be empathized the fibre material

properties, reported in Table 2.1, are referred to the local reference

system. The material properties were implemented into the model

by imposing an isotropic behaviour for the matrix and a transversely

isotropic response for the fibre. The fibre element reference system was

also oriented according to the fibre properties orientation.

.

Figure 4.1
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The whole model was meshed by adopting fully integrated eight

node linear brick (C3D8) elements and a uniform element size equals

to 0.1µm was imposed. This resulted to be the highest possible mesh

refinement, since a smaller element size requires infeasible computa-

tional effort. A structured mesh generation strategy was imposed.

The boundary conditions, representing the reactions of the surround-

ing material not reported into the model, were applied to the matrix

block sides. Each of the block faces was constrained by suppressing all

the in-plane displacements. The two examined experimental method-

ologies, namely mode I and mode II tests, were reproduced. The inden-

ters described in Figure 2.6 were modelled as analytical rigid surfaces

and positioned over the cantilever beam according to the AFM exper-

imental measurements. The sharp tip characterizing the cube corner

indenter, could promote calculus convergence problems. To avoid these

difficulties, it was approximated to an hemispherical surface with a di-

ameter equals to 2µm. Each indenter was rigidly fixed to a control

node, which was constrained by suppressing all the degrees on free-

dom, less than the displacement on the loading direction (y axis). The

load condition, represented by the indenter displacement was imposed

in the form of velocity and set equals to 5nm/min, according to the ex-

perimental procedure. For the indenter tip to fibre contact interaction

a frictionless surface-to-surface contact was enabled by selecting the

indenter rigid surface as master. The resulting problem mathematics

dimensions were collected in Table 4.1.

Table 4.1: Computational problem size

Number of elements 124918
Number of nodes 136181
Total number of variables 401292
Calculation time* 193.5 hours

*The simulations were run on the IMDEA Material institute cluster system,

on a 20-core 4.5 Ghz Intel Xeon processor with 128 Gb of RAM available.
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4.3 Cohesive zone model

The debonding phenomenon was implemented into the numerical model

by applying a CZM on the fibre and matrix in contact surfaces. Follow-

ing a description of the adopted cohesive algorithm operating principles

is reported. The fibre-matrix interface cohesive behavior was imple-

mented in Abaqus in form of available cohesive contact type. It allows

to model contact interactions between specific surfaces in a model.

4.3.1 Contact detection

Contact interactions between bodies can be enabled in the FEA ambi-

ent through a class of algorithms enforced to the superficial nodes of the

involved in contact bodies. The aims of which is address whether two or

more bodies are in contact, where the contact location is, the amount

of contact forces interesting the contact surface and any relative in-

terface motion after contact. The contact condition is classified as a

boundary nonlinearity, because of the discontinuity in contact forces

at the beginning of the contact and at the transition between stick-

ing and sliding in frictional contact. The initiation is mathematically

formalised by the punctual mutual tangency between two in contact

surfaces.

From that limit condition the contact proceeds involving an in-

creasing number pairing nodes. Since the solid are discretized, the

surfaces consists in a succession of small plane region or, in the case of

bidimensional problems, in a succession of segments linked by nodes.

This intrinsic irregularity, plus the possible different surface curva-

tures, preclude a perfect matching of the surfaces during contact. This

leads to contact penetration and gaps all over the surface that needs

to be managed by the software to return a proper response of the

touching bodies. This capability is enforce in form of small-sliding

or the finite-sliding models. The small-sliding formulation poses the

contacting surfaces can undergo only small relative sliding while ar-
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Figure 4.2: Schematic representation of a 2D master-slave surface
contact interaction.

bitrary rotations of the bodies are permitted. A kinematic constraint

that the slave surface nodes do not penetrate the master surface is

then enforced. The small-sliding formulation is appropriate if the rel-

ative motion of the two surfaces is less than a small proportion of the

characteristic length of the elements faces. On the other hand, the

finite-sliding allows any arbitrary motion of the surfaces in contact, re-

sulting computationally more expensive than small-sliding contact and

resulting in a less efficient analysis. These approaches need to define

a master (contact guiding) and a slave (guided) surfaces. As graphi-

cally reported in Figure 4.2 for a bidimensional case, the slave surface

nodes cannot penetrate the masters surface segments, while no restric-

tion are imposed to the master surface nodes in penetrating the slave

surface segments. The enforcement of this principle can be punctually

made, by controlling each slave node independently (node to surface),

or globally made by averaging over a regions nearby slave nodes (sur-

face to surface). In node to surface formulation the contact direction is

based on the master surface normal and the only information needed

about slave surface is the location and surface area associated with

each node. The direction of the slave surface normal and slave surface

curvature are not relevant. Thus, the slave surface can be defined as a
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node-based surface. The surface to surface instead considers the shape

of both the slave and master surfaces in the region of contact. The

averaging regions, for contact control, are approximately centered on

slave nodes, so each contact constraint considers a group of adjacent

slave nodes. Some penetration may be observed at individual nodes,

however large penetrations of master nodes into the slave surface do

not occur with this discretization [51].

4.3.2 Contact pairing algorithms

The formalization of contact interactions between surfaces in Abaqus

needs the definition of a constitutive model describing the normal and

sliding contact behaviour. The normal behaviour is defined through a

contact pressure p, function of the gap h between the contact involved

surfaces and in any point normal to it. The adopted in the present

work hard contact algorithm, can be expressed as reported in (4.1). It

postulate the gap zeroing produce a not null pressure. No overclosure

are permitted in this contact formulation (h ≯ 0).

h < 0 → p = 0 ∪ h = 0 → p > 0 (4.1)

The sliding behaviour was set governed by an Coulomb frictional

model. It assumes no relative motion occurs if the equivalent frictional

stress τeq is less than the critical stress τcr. If the equivalent stress is at

the critical stress slips can occurs. The frictional stress is proportional

to the contact pressure p via the frictional coefficient µ (4.2), which

is user assigned and can be also defined as function of other variables

(i.e. temperature, slip rate etc.).

τeq =
√
τ1 + τ2 = µ · p (4.2)

The effective computational implementation of the described Coulomb

model is not strictly rigorous, since the condition is not applied point-
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wise but weighted over a small area. This non-local friction model

condition, punctually allows small relative sliding also before τcr is

reached. The frictional stress is governed by a stiff elastic behavior,

with the stiffness κ computed observing a condition of maximum allow-

able sliding γcr at critical stress reaching, so that results κ = τcr/γcr.

Under isotropic friction conditions, the slip and the frictional stress

direction coincide and the slip amount γ in frictional sliding regime is

governed by the slip rate γ̇. The critical slip value may be user spec-

ified, otherwise it is set by default to 0.5% of the average length of

all contact elements in the model. A described model refinement can

be operate by adopting a Lagrange multiplier method to ensure the

relative motion in absence of slip is precisely zero. The perfect sticking

constraint, resulting from this implementation, has an increased ad-

herence to the physical problem but produces the analysis cost rising

and may prevent the Newton algorithm convergence.

4.3.3 Cohesive model theoretical approach

In this subsection governing equations of a debonding elastic solids

under a small strain deformation regime are presented. For simplicity a

static two dimensional solid with an internal interface is considered and

schematically represented in Figure 4.3. The computational domain

Ω ⊂ R2 and its boundary Γ ≡ ∂Ω can be defined. We assume there is

only one internal interface denoted by Γ that split the solid into two

helves Ωm=1,2 so that Ω = Ω1 ∪ Ω2. The interface surfaces outwards

unit normal are denoted as n1 and n2.

Before decohesion, the two subdomains are perfectly bonded by

means the displacement field is continuous across Γ. If a failure crite-

rion is satisfied, discontinuities in the displacement field across Γ are

allowed to model the decohesion. Governing equations for the stages

prior and after debonding initiation are following discussed.

Prior to debonding initiation, the governing equation of linear elas-
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Figure 4.3: Computational domain with an internal interface.

tic problem are following reported in equations from (4.3a) to (4.3e).

−∇ · σm = bm on Ωm (4.3a)

um = um on Γm (4.3b)

σm · nm = tm on Γm (4.3c)

u1 = u2 on Γ (4.3d)

σ1 · n1 = −σ2 · n2 on Γ (4.3e)

Where σm and um are respectively the stress and displacement

fields. um and tm the prescribed displacements and traction. The last

two equations (4.3d) and (4.3e) ensure the displacements and traction

continuity across Γ.

Once the debonding initiated, the continuity of the displacement

field across Γ is missing and the interface interaction is governed by a

cohesive law. Mathematically it means the last two equations (4.3d)

and (4.3e) are replaced by the relation reported in equations (4.4a)

and (4.4b).

−σ1 · n1 = σ2 · n2 = t on Γ (4.4a)

t = t(δ, ζ) on Γ (4.4b)
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Where t(δ, ζ) is the cohesive traction vector, δ is the relative dis-

placement between the no more in contact nodes of the interface surface

and ζ denotes a set of history variables modeling the irreversibility of

the debonding process. The presented continuum mechanics problem

is then retrieved into the FEA software. The solid is discretized into

volumetric elements and zero-thickness interface elements along the

interface path, as graphically reported in Figure 4.4(a). The cohesive

algorithm operate as a spring, of stiffness K, linking the initially in

contact nodes of the Ωm=1,2 solid partitions.

Figure 4.4: FE problem discretization (a), with interface elements and
cohesive interaction stiffness K, and schematization of two couples of
nodes experiencing a cohesive contact (b) with the relative displacement
components δn and δs.

A schematic representation of two couples of nodes experiencing

a cohesive contact, is reported in Figure 4.4(b). The local reference

system (n, s, v) has the n axis oriented according to the outward unit

normal to the contact surface, and the s and v axes lying on the contact

surface. In this reference system δ can be split in three components:

• the normal separation δn is defined as positive under the impen-

etrability principle of bodies experiencing the contact.
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• the two shear separation δs and δv that are the two in plane

sliding displacements.

The relative displacement modulus δ can be obtained as a function

of the introduced components as reported in (4.5). The Macaulay

bracket ⟨⟩ indicates (⟨δn⟩ = δn if δn > 0 ∪ ⟨δn⟩ = 0 if δn < 0)

δ =
√

⟨δn⟩2 + δ2s + δ2v (4.5)

The decohesion initiation and propagation is defined in the model

by a traction-separation law. It relates the cohesive stress t to the

relative displacement δ by assuming an initially linear elastic behavior

followed by the initiation and evolution of damage. The initial elastic

behaviour can be written as reported in (4.6). Where the Kij are

the components of the elastic constitutive matrix K which represents

the penalty stiffness of the cohesive algorithm before damage. The tij

and δij are cohesive stress and relative displacements components. By

assuming the traction-separation behaviours, in the n, s, v directions

uncoupled, all the components Kij, i̸=j = 0.

t =


tn

ts

tv

 =

Knn Kns Knv

Ksn Kss Ksv

Kvn Kvs Kvv

 ·


δn

δs

δv

 = K · δ (4.6)

The value of the penalty stiffness must be high enough to prevent

both interpenetration of the debonded faces and artificial compliance

from being introduced into the model by the cohesive elements. Sev-

eral guidelines were proposed in literature to estimate the penalty stiff-

ness of a cohesive law. It any case it is needed the compliance of the

bulk material is much larger than the initial cohesive law compliance.

Therefore, as default, the software set the Kij values as equal to at

least one tenth of the adhering material elastic modulus divided by its

volume elements characteristic length lc.

Under these assumptions the traction-separation laws for both nor-
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mal (mode I) e shear (mode II) modes can be graphically represented

on a traction vs relative displacement diagram (Figure 4.5). The mode

II traction-separation law, here reported for the shear direction s, is

equally applicable to the other shear direction v. As mentioned for

mode I a cohesive response is possible only for positive normal dis-

placement δn and traction tn components. The shear mode II, instead,

also allowed for negative sliding displacement δs and shear stress ts

components.

Figure 4.5: Traction-separation laws for normal mode I and the shear
mode II.

For the generic mode i the cohesive stress ti depends on the rel-

ative displacements δi and to the corresponding stiffness Kii. This

is until the cohesive strength t0i is reached, then the decohesion pro-

cess initiates. it is represented by a scalar damage variable D, which

may be defined through a variety of relative displacement dependent

functions. The linear and the exponential form are the most widely

adopted, in this work a linear D(δ) softening was assumed (It can

be seen in Figure 4.5 also the traction-separation law following the

strength reaching results to be linear). The mathematical expression

of the described traction-separation law is here reported in (4.7).
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ti =

Kii · δi if ti < t0i

(1−D) ·Kii · δi if ti ⩾ t0i

(4.7)

The linear formulation of the damage variable, is instead reported in

(4.8). It depends on the displacement at complete cohesive interaction

degradation δfi , the displacement at damage initiation δ0i and to the

actual displacement value δi. It results in the range between zero, in

pre-damage initiation condition (ti ⩽ t0i ), and one when the maximum

displacements δfi is reached.

D =
δfi (δi − δ0i )

δi

(
δfi − δ0i

) 0 ≤ D ≤ 1 (4.8)

The area under the curve, denoted as GIc and GIIc respectively for

mode I and mode II, represents the critical strain energy per unit area.

It is physically the needed energy to completely eroded the cohesive

connection between two bonded unitary surfaces. If a generic mode

is loaded and then unloaded prior the strength is reached, the defor-

mation recovery occurs on the same path as the loading phase and no

modification are make to the stiffness matrix. If the load produce the

damage initiation, the stiffness is updated to (1−D) ·Kii and the de-

formation recovery, as well as any other subsequent new elastic loading

phase, occur according this new reduced stiffness. Also the strength

value is updated to the value corresponding to the intersection between

the softening curve and the updated elastic ramp. The amount of en-

ergy, corresponding to the area between the original and the updated

stiffness values, represented the amount of energy per unit area spent

to erode the cohesive contact.

The described procedure involves all the three detachment modes

but in an uncoupled way. It means the effect of a simultaneous dam-

age occurring in more than one mode is not covered. However, the

experimental evidence demonstrates a simultaneous partial loading on
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multiple modes can cause a early failure even if in none the initia-

tion is the reached. To also consider this coupling effect, among the

different damage mechanisms, a variety of mixing modes algorithms

were proposed. They aim to combine the different loading stress and

partial damage progression in an equivalent global damage criterion.

In this work, the combined damage initiation was imposed according

to a quadratic nominal stress criterion, whose formulation is reported

in (4.9). It postulates the damage is triggered when the sum of the

quadratic stress components ratios, in the principal directions, reaches

the unity. The t0i=n,s,t are the strength in the principal directions, while

ti=n,s,t refer instead to the actual stresses.(
⟨tn⟩
t0n

)2

+

(
ts
t0s

)2

+

(
tt
t0t

)2

= 1 (4.9)

The Macaulay bracket ⟨⟩ implies a pure compressive normal stress

does not initiate damage (⟨tn⟩ = tn if tn > 0 ∪ ⟨tn⟩ = 0 if tn < 0).

The equation identifies the combined stress initiation locus.

The subsequent damage evolution was set according to an energy

based mode mix measure techniques, proposed by Benzeggagh-Kenane

(BK). It results particularly useful in those cases when the two shear

modes critical fracture energies are identical, as deemed to be the ex-

amined case. The BK criterion is here reported in (4.10). The global

critical released energy per unit area Gc is obtained in function of the

critical energies in the two normal GIc and shear GIIc modes, the ac-

tual released energies GI and GII and the material parameter exponent

β = 1.45 .

Gc = GIc + (GIIc −GIc) ·
(

GII

GI +GII

)β

(4.10)

A graphical representation of the mixing mode adopted principle is

reported in Figure 4.6. It can be seen the traction is reported on the

vertical axis and the magnitudes of the normal and the shear separa-
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tions along the two horizontal axes. The identified reference system

identifies the two planes (t; δn) and (t; δs) on which the unshaded tri-

angles represent the response under pure normal and pure shear de-

formation, respectively. Any intermediate planes, contain the vertical

axis, represents the damage response under mixed mode conditions

with different mode mixes. The dependence of the damage evolution

on the mode mix is analytically defined by the BK model. Unloading

subsequent to damage initiation is always assumed to be linear toward

the origin of the traction-separation plane. Further reloading also oc-

curs along the same linear softened path, as already described for pure

mode softening (Figure 4.5).

Figure 4.6: Graphical representation of cohesive response mixing mode,
with stress governed initiation locus and BK energetic damage evolution
highlighted.

Modelling the propagation of a pre-initiated decohesion, do not

generally leads to convergence difficulties. On the other hand, the

transition between the elastic pre-initiation and the damage propaga-
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tion phases, when the cohesive zones is also used to model the nu-

cleation, results to be more critical in terms of analysis convergence

and stability. These problems are known to emerge from an elastic

snap-back instability occurring immediately after the cohesive inter-

face strength is reached. A simple technique to avoid these conver-

gence issues, consists in the introduction of a viscosity parameter η

into the CZM constitutive equations. It represents a relaxation time

and affects the cohesive response stiffness by introducing a transient

in which the viscous damage variable Dη converges to the non-viscous

damage variable D. This regularization process is defined through the

evolution equation reported in (4.11).

Ḋη =
1

η
· (D −Dη) (4.11)

Small values of viscosity, compared to the time increment, improves

the convergence of the model in softening regime. However, it must be

checked the resulting traction-separation response corresponds to the

imposed non-viscous cohesive law and no overestimation of traction

and displacement resulted. With this purpose, a reduced viscosity pa-

rameter, if compared to the simulation time increment, aids to improve

the softening regime convergence rate without compromising results.

4.3.4 Cohesive model definition

The cohesive behaviour was implemented in the computational model

in form of surface-to-surface contact algorithm with small-sliding for-

mulation enabled. The interface fibre and matrix surfaces were identi-

cally meshed and selected for the contact pairing by imposing the first

as master surface. A slave nodes position adjustment depth was spec-

ified as equals to 0.01. In this range of depth the slave surface nodes

can be moved by the software to avoid master surface penetration or

gap, thus guaranteeing an improved contact surfaces matching. An

hard-contact type pressure overclosure managing algorithm was im-
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plemented. The effect of both frictionless and isotropic penalty fiction

models was considered during model validation. A variety of friction

coefficient were tested and the influence of friction on the whole model

response estimated.

The framework in which the cohesive properties identification was

conducted was following described. The initial traction-separation

stiffness were let software assigned, according to the framework pre-

sented in section 4.3.3, while for the damage initiation a quadratic trac-

tion criterion (eq.(4.9)) was adopted. A linear damage evolution and

the BK energy based mixing mode were enabled. A viscous damage

stabilization model avoided contact convergence problems, the corre-

sponding viscosity coefficient was set as equals to η = 1 · 10−4. The

cohesive properties were set by providing to the software the initia-

tion strength in the three local directions ti=n,s,v and the respective

toughness G(j=I/II)c.

In order to fit the fibre-matrix debonding initiation as well as the

resulting damage propagation, a cohesive interface properties paramet-

rical study was conducted. The outcomes of this procedure allowed the

identification of the interface properties.
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Computational Results

5.1 Numerical model validation

5.1.1 Boundaries condition verification

The proposed numerical model aims to reproduce the experimentally

performed MCT. Despite it faithfully reproduce the testing condition,

it only represents a reduced material portion enclosing the region of

interest. Since the actual microcantilever proportion, compared to the

whole CFRP laminate in which it is manufactured, are several orders

of magnitude smaller, the specimen can be assumed as embedded in an

indefinitely extended material block. Thus the effect of this condition

on the numerically modelled specimen compliance must be respected.

For this purpose, the matrix block dimensions (D,E, F in Figure 4.1)

were defined as a result of a sensitivity analysis. The purpose of this

study was to verify no boundary effect affects the model results. This

implies ensuring the boundary constraints reactions do not influences

the stress and strain fields close to the interface and the matrix block

dimensions are properly chosen to avoid improper specimen compliance

values. The analysis was performed in condition of perfectly bonded

interface and linear elastic materials behavior, under the experimen-

tally verified heaviest scenario which resulted to be the mode I loading
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configuration in condition of onset debonding. Rising values of matrix

block dimensions were investigated. The first tentative dimensions

were assigned according to the set, referred as S1, here reported in

Table 5.1. It confers an overall volume to the matrix of two times the

micro cantilever. Then a scale factor equals to three was imposed to

each of the block dimensions one at a time, in this way the effect of the

material volume distribution on the specimen response can be appreci-

ated. The illustrated block sizes are respectively reported in Table 5.1

referred as sets from S2 till S4.

Table 5.1: Matrix block dimensions

Set D[µm] E[µm] F [µm]
S1 3 3 4
S2 3 9 4
S3 9 3 4
S4 3 3 9
S5 5 6 5

Simulations were run by adopting the proposed dimension sets and

the testing configuration of the C1 specimen group. Then the results,

in terms of load vs depth curve, were compared to the related experi-

mental results. As expected the matrix block size increase produces a

specimen whole stiffness reduction.

Since this magnitude in specimen stiffness dependency to the ma-

trix block size do not produced substantial modifications in the model

compliance, the reaction force and deformation gradient extinction dis-

tance was assessed. It was verified a good trade-off, in terms of reaction

force extinction distance as well as matrix compliance saturation, was

reached by assigning the following reported (Table 5.1) matrix dimen-

sions.
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5.1.2 Material properties verification

Once the numerical model was refined a materials properties verifica-

tion was conducted. The literature available properties, reported in

Table 2.1 and extensively discussed in section 2.2, were implemented.

Then a series of simulations were run to derive the pre-debonding elas-

tic specimen response and so confirm the accuracy of the estimated

properties. This results a necessary step, since the material properties

available in literature were estimated on IM7-8552 laminates manu-

factured with different process parameters and technologies. Further,

not all the properties were directly obtained through micro and nano

testing technique, but often are retrieved from macro scale tests. Some

other properties like the shear moduli are instead analytically derived

from the continuous mechanics relations, starting from the remain-

ing experimentally measured properties. Particularly with regard to

the fibre, which on the scale of interest is anisotropic and not strictly

an homogeneous material, this led to a degree of uncertainty about

the correct material properties estimation. Anyway, the properties

presented in Table 2.1 represent the most reliable ones, as they are

derived from laminates obtained from exactly the same materials and

technology as those used for the tests proposed in this work.

The 8552 Epoxy resin was experimentally characterize by Rueda

Ruiz through micromechanical in situ testing techniques and directly

on the laminate where the micro-cantilever beams were carved [2].

Other authors in literature reported measurements showing a variation

in the resin Young’s modulus value in the range of ±7%, if compared

to the value adopted in the present work. Thus, the 8552 Epoxy resin

was proved to show a quite repeatable response. To verify the matrix

characterization accuracy, the experimental campaign, related to the

C6 matrix carved specimens, was numerically reproduced in term of

specimen geometry and loading condition.A simulation in purely elastic

pre matrix cracking initiation was run. In Figure 5.1 the numerical
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.

Figure 5.1: Numerical and experimental matrix carved micro-cantilever
specimen response in pre cracking elastic regime.

results, in form of force over depth curve, are compared to the related

experimental findings. It can be seen, the initial linear response is

properly predicted by the model with an error in the specimen stiffness

in the range of displacement up to 0.3µm lower than 5%. In the light

of the presented results the resin properties were considered accurate

enough.

As regard the literature available data about the single fibre prop-

erties, they present a greater uncertainty because of the difficulty in

measuring them experimentally on the microscale. A direct fibre prop-

erties verification was impossible. While for the matrix it was possible

to manufacture a dedicated specimen typology, the reduced fibre di-

ameter did not allow for the same. Thus, the verification of the fibre

adopted properties accuracy was performed on the base of the C1 spec-

imens group, which presented both the fibre micro beam and the ma-

trix. Numerical simulation, adapting the geometry and the load appli-

cation point to the experimental reference, was run. The fibre-matrix

interface was set as tied and the elastic model response computed by

imposing an indenter displacements equals to 0.1µm. The numerical
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.

Figure 5.2: Numerical and experimental micro-cantilever specimen
response under initial elastic deformation regime.

outcomes, reported in Figure 5.2, showed to slightly overestimate the

rigidity. The whole system resulted to be the 8% stiffer than the aver-

age experimental specimens response. This finding is not only depen-

dent by the fibre properties, but it is representative of the cumulative

effect of also the matrix properties and the geometrical characteristics

of the model respect to the real specimen. Also taking into account

the scatter the experimental outcomes showed, the exposed results lead

the author to retain the numerical model representative of the effec-

tive specimen experimental response. Therefore the assumed material

properties correctly describe the materials behaviour.

5.1.3 Indenter positioning uncertainty effect

As exposed, the MCT execution is an delicate procedure due to the

extremely reduced size of the specimens. Although performed through

an AFM, the indenter positioning is also a complex procedure and

not inaccuracies free. This because of the resolution obtainable in the

acquisitions and the typical irregularities of the material surface. Thus,

the determination of the effective load application point position was a
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steps as important as it was delicate. In some testing configuration (i.e.

test C3.2 reported in Figure 3.2(a)), the adoption of the sharp cube

corner tip, produced a visible local fibre micro beam indentation that

made the identification of the load application point position easier.

In these cases an ex-post measurements through SEM was possible.

This was not always the case, even among the tests adopting the cube

corner tip, as visible in Figure 3.3 for the C3.4 specimen test. With

regard to the tests performed with the flat tip, it was never possible

to identify by SEM images any marks indicating the actual position of

the punch. Consequently, for a large number of tests, the estimation of

the load application point and thus the load lever arm, was performed

exclusively from the topographic images acquired by AFM. Following,

the specimen topographical scanning allows to assign the position of

the punch by means of a pointer. An example is reported in Figure 5.3

where the C1.9 specimen AFM scan is reported. The image consists in

the projection of the specimen surface on a bidimensional plane, the

surface height variations are reported in form of colour scales. The

fibre micro beam top surface was highlighted (dotted lines) as well

as the fibre-matrix interface position and the microscope pointer were

indicated.

Despite before each test, the pointer calibration was conducted to

avoid misalignment between that and the effective indenter tip posi-

tioning, the process is still affected by a degree of inaccuracy in the

tenths of micron order. Since the load configuration of the specimen

and the representativeness of the numerical model depend on the posi-

tion of the punch, it was essential to verify the effect of this uncertainty.

With this purpose a series of elastic numerical simulations were per-

formed by moving the load application point from the AFM nominal

position along the micro beam x axis direction. The effect of this

simulated indenter positioning error, was estimated by comparing the

load over depth numerical curves with the corresponding experimen-

tally estimated ones. Resulting the most affected by this issue, the
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.

Figure 5.3: AFM topographic image of the C1.9 specimen surface, with
the microscope pointer highlighted.

C4 specimens group, tested in mode II with the flat tip indenter, was

adopted as experimental reference.

Figure 5.4: Schematic representation of the load application point
moving procedure.

In Figure 5.4 a schematic representation of the followed procedure

is reported. The nominal position of the load application point D

representing the distance between the AFM pointer position and the
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fibre-matrix interface surface is the reference configuration. The load

application point is then moved from its nominal position, toward the

interface, of a steps series of 0.05µm.

Figure 5.5: Effect of punch position error on the whole specimen
response, in term of load vs depth curves for experimental C4 tests group
and the numerical results related to the nominal punch position and three
different positioning errors d.

The effect of punch position error on the whole specimen response

is reported in Figure 5.5. The experimental C4 tests group results,

in term of load vs depth curves, are compared to the numerically

computed ones. The nominal punch position (d = 0µm) and three

different error distance values d equals to 0.1µm, 0.15µm and 0.2µm

were numerically investigated. The simulation with nominal punch

position produced an overestimation of the average experimental spec-

imen stiffness equals to 2.45%. The application of the first offset value

d = 0.1µm produced a stiffness reduction of about 9.42%, while the

following increments of 0.05µm corresponded in reduction of 4.75%

each. All the simulated positioning errors produced results largely be-

longing to the experiments standard deviation. Therefore, the effect

of an improper load application point positioning, was considered to

not significantly affect the computational results, since it is within the
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order of magnitude of the error produced by the material data and the

geometrical approximation.

5.2 Interface properties identification

Once the model was proved to properly predict the elastic response

of the micro cantilever specimens before debonding initiation, with re-

duced effect of material properties and punch position uncertainties,

the cohesive model was activated and the debonding response stud-

ied. Starting from literature available interface properties, a series of

simulations were run to properly fit the experimental load vs depth

debonding propagation region, both under mode I and II conditions.

The cohesive properties sets, following reported in Table 5.2 were inves-

tigated. The P1 set was proposed by Rueda [2] in his dissertation about

the IM7-8552 CFRP. The interface properties he adopted were mainly

the results of an inverse identification process, in fact only the longitu-

dinal shear strength (t0s) were experimentally measured thought in situ

push-in micromechanical testing. The remaining values were inferred

according to literature guideline as following summarized. According

to Naya Montàs [20] the transverse shear strength t0v was assumed as

equals to the longitudinal shear strength. The interface strength in

normal direction t0n was estimated as the 2/3 of the abovementioned

shear strength, as recommended by Ogihara et al. [52]. The inter-

face fracture energies adopted by Rueda were literature available val-

ues, since no suitable experimental methods were available to calibrate

them. They were indirectly estimated by the convergence of a numeri-

cal model on a series of micromechanical transverse and in-plane shear

tests.

The geometrical and testing condition measured in C1 specimens

mode I tested and C4 specimens mode II tested, were numerically re-

produced and a series of simulations run with the purpose to appreciate

the effect of the proposed interface values and fit the experiments. The
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Table 5.2: Cohesive interface properties sets.

Set t0n [MPa] t0s = t0v [MPa] GIc [J/m2] GIIc = GIIIc [J/m2]

P1 49 74 2 6
P2 150 74 2 6
P3 120 74 2 100
P4 100 120 30 120
P5 100 135 11 100

simulation outcomes are following discussed. The mode I load vs depth

curves for the interface parameters from P1 till P5 are reported in Fig-

ure 5.6(a). It can be seen the effect of cohesive strength increase pro-

duce the maximum load rising. If the elastic strain energy at damage

initiation is close to the toughness, a sudden failure occurred. Oth-

erwise a plateau region, indicating a stable debonding propagation,

arises. It can be clearly appreciated by comparing the curves from

P1 till P3 which have the same toughness and rising strengths. Same

condition can be detected in curves from P3 till P5 which have ris-

ing toughness and quite similar strength. The greater the energy the

higher the maximum load and wider the stable propagation plateau.

The mode II load vs depth curves, here reported in Figure 5.6(b), in-

terested the parameter sets from P2 till P5 since the P1 was already

discarded due to the low values of maximum load reached for the mode

I experiments fitting. Also in this case, bigger the strength or the

toughness higher the maximum load. By comparing the results of P2

and P3 properties, it can be seen the increase in toughness at the same

strength produce both an higher maximum load and a plateau region.

Curves P4 and P5 have much higher strength and quite similar tough-

ness values. The identification process converged on the P5 cohesive

properties set, both for the mode I and mode II simulations. Follow-

ing a comparison between the experimental results and the numerical

outcomes is reported.

The comparison between C1 specimens mode I tested and the nu-
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(a)

(b)

Figure 5.6: Numerical mode I load vs depth curves for interface
parameters from P1 till P5 (a) and mode II for interface parameters from
P2 till P5 (b)

merical P5 curves is reported in Figure 5.7(a). It can be seen the

proposed model properly reproduce the elastic pre-initiation specimen

deflection, as below already discussed, as well as the initiation and

first propagation phase. Then, for depth values from 0.35µm the nu-

merical solution tends to diverge from the experimental average curve,

showing a more pronounced load drop. The comparison between C4

specimens mode II tested and the numerical results showed, instead,
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(a)

(b)

Figure 5.7: Numerical and experimental results comparison for C1 mode
I (a) and C4 mode II (b) testing conditions.

a good correlation over the entire range of depth. Despite the exper-

iments present, in a large number of tested specimens, a sudden load

drop immediately after the linear curve section, condition that cannot

be predicted by the software. The reported results represents the best

curve fitting. With regard to the poor matching of mode I curve in

condition of extensive debonding, the author deems it could be a con-

sequence of the matrix cracking phenomena arising under advanced

propagation conditions. As described in Section 3.1, this parasite ma-
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trix damage, affecting almost exclusively the mode I tests, could add

up to the proper debonding propagation leading to an additional dis-

sipated energy.

The proposed numerical model with implemented the identified co-

hesive parameter set (P5), reproduces the experimental results with

adequate accuracy.

5.3 Damage modes contribution

A crucial aspect for the interface properties identification, was repre-

sented by the damage modes contribution balancing. The experimen-

tal methodology assumes the mode I and mode II damage behaviour

can be properly isolated through the two proposed testing configura-

tions. However no experimental evidence can confirm or disprove this

assumption. Thus a numerical investigation was conducted and follow-

ing presented, with the purpose to check which was the predominant

damage mechanisms in each of the two test type. The debonding ini-

tiation and propagation for the mode I and mode II simulations were

analyzed to highlight the differentiating characteristics. The damage

variable D was thus plot on the fibre interface master surface, it was re-

ported among the software output named as CSDMG. Its evolution in

the mode I simulation load vs depth curve is reported in Figure 5.8(a),

for three different debonding progression states. The initiation, mean-

ing the quadratic stress criterion fulfillment, arises on the upper edge of

the surface as well as on the lower sharp region ends. Then a progres-

sive downward propagation of the upper front occurs, while the lower

debonded region remains unaltered. The damage variable gradient on

the propagation front results to be reduced, indicating once the initia-

tion condition is reached, a sudden progression of the damage occurs.

A different damage progression can be appreciated in mode II results,

showed in Figure 5.8(b). The damage initiates only at the sharp bot-

tom region of the interface and thence propagates toward the interface
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(a)

(b)

Figure 5.8: Cohesive damage progression over the load vs depth curves
for mode I (a) and mode II (b) numerical simulations.
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top edge. Also in this case a reduced damage variable gradient can be

appreciated on the front. The presented numerical propagation mech-

anisms looked to be consistent with the experimental evidences. The

C1 specimens always presented a partial damage interesting the top

region of the interface and also the matrix crack kinking suggested a

downward propagation. With regard to the C4 specimens tested in

mode II, the bottom region of the interface resulted to be hardly in-

spectable via SEM to confirm or disprove the debonding progression

numerically obtained. However none of the partially damaged mode II

tested specimens showed a debonded phenomenon on the upper region

of the interface. This suggests the numerically obtained propagation

is plausible. The damage mode contribution was evaluated for both

the tested configurations. This has been achieved by considering some

reference nodes on the debonding surfaces. For each of those, the dissi-

pated energy fractions, due to the different damage modes, were com-

puted. The study was conducted in the early phases of the numerical

interface properties identification process, thus the corresponding set

of cohesive properties was that referred as P1 in Table 5.2. However,

it will be shown in the following discussion, the results are extend-

able to the identified P5 set. It should be emphasised the considered

components of cohesive stress were the normal stress due to the open-

ing displacements and the shear stress due to the cohesive slip in the

direction referred as mode II in the present dissertation. No sliding

phenomena were detectable, in terms of damage triggering, in the di-

rection parallel to the beam section rotation axis. The node selected in

mode II simulation was referred as S followed by the node ID number,

while for the mode I selected nodes were adopted the N followed by

the node ID number. For the mode II tested specimens simulation, a

node on the beam symmetry plane was selected. This because in that

region the effect of opening displacements is maximum while the shear

is quite uniformly distributed in the section width. For the mode I

simulations, were rather considered three nodes. Two were selected on

94



5. Computational Results

the beam symmetry plane, each pertaining to one of the two bonding

fronts simultaneously occurring in this type of simulation. While the

third was on the upper debonding region and placed on the side of the

interface section.

Figure 5.9: Selected control nodes for damage contribution identification
in both mode I and mode II load configurations.

In Figure 5.9 the fibre micro-beam interface section is shown and

the considered nodes are highlighted for both the loading configura-

tions (flat indenter tip for mode II and cube-corner indenter tip for

mode I). The stress outcomes, as well as the contour plots, were con-

sidered for an arbitrarily selected time of simulation, referred as t̃, in

which the selected nodes achieved the complete erosion of the cohesive

properties. The evolution of S-84 node cohesive stresses, together with

the corresponding cohesive opening and sliding displacements, are re-

ported over the simulation time in Figure 5.10(a). Also the damage

initiation time and the damage evolution period are highlighted. For

the same node the abovementioned normal and shear stresses are re-

ported over the corresponding contact displacements in Figure 5.10(b)

and Figure 5.10(c). It should be noted the area under these last two

curves represents the energy release rate dissipated for each mode at the

complete debonding. These values of released energy were calculated,

by integrating the stress curves, and compared to the correspondent

B-K mixing mode toughness (4.10). The resulting contribution val-

ues, following reported in the form of percentage contribution to total
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(a)

(b) (c)

Figure 5.10: S-84 node cohesive stresses and displacements evolution
over simulation time (a) together with the normal stress (b) and shear
stress (c) over the corresponding displacement.

damage in Table 5.3, shows as the damage dissipated energy is quite

completely due to the shear.

Table 5.3: Contribution of opening and shear damage to the total
interface damage in mode II tests for S-84 node.

Dissipated energy at damage [N/m]
GI GII

6% 94%

This results is also corroborated by the combination of load on the

interface surface under this testing condition. In addition to the shear,

it is present a bending which produce opening on the top region of

the interface while in the bottom region, where the damage starts and
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propagates, has an effect of closing. This condition tends to prevent the

initiation of a mode I damage propagation. The same considerations

presented for the mode II damage contribution analysis were enforced

for the mode I. The cohesive stresses and the corresponding contact

displacements were acquired and the dissipated energy for each damage

mode was computed. The results in terms of single damage percentage

contribution to total damage are reported in Table 5.4.

Table 5.4: Contribution of the opening and shear damage to the total
interface damage in mode I tests for N-68, N-97 and N-562 nodes.

Dissipated energy at damage [N/m]
Node N-68 N-97 N-562
GI > 95% 10% 87%
GII < 5% 90% 13%

The presented results showed as the upper debonding front was

characterized by a predominant damage due to the opening mode. In

fact, the N-68 node, placed on the section symmetry plane, experi-

enced a not relevant amount of shear and the N-562 node, on the side

region of the section, presented a larger but still small dissipation of

energy due to the shear was. This was due to the interface geometry

which is not flat and thus tends to favour sliding phenomena on its

side regions. However the overall behaviour of the upper debonding

front experiences a dissipation energy largely dominated by the open-

ing damage. On the other hand, the results related to the N-97 node

evidenced as the damage on the lower region of the section is domi-

nated by the shear mechanisms. This is due to a combination of the

sharp geometry of the interface section in that point, which promote

the stress concentration accelerating the initiation of damage, and to

the bending applied on the section which produce a closure preventing

the opening damage mechanisms. Despite this, the shear dominated

damage, once occurred at the early stages of the load application, do

not propagates during the simulations.
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The presented results, describing the contribution of the damage

mechanisms in the total energy dissipation, evidenced as both the mode

I and mode II testing configuration resulted in a good effectiveness in

producing the desired loading condition on the fibre-matrix interface

independently from the investigated interface properties set.

5.4 Effect of friction

The presented numerical models were all developed by assuming a

friction-less behaviour among the in contact bodies. While the influ-

ence of friction, between the indenter tip and the fibre micro-beam, do

not affect the results related to the interface cohesive behaviour, the

contact between the debonded surfaces at the interface could play a rel-

evant role. Major frictional phenomena could influence the experimen-

tally measured load over depth, thus making unrealistic the results of

a friction-less approach for the numerical model. With the purpose to

verify the influence of frictional sliding between the debonded interface

surfaces during the tests, a series of numerical model were prepared.

A first verification was conducted to check the effective response of the

model to the concurrent application of cohesive interaction and friction

interaction between in contact surfaces. A numerical model consisting

in two rigid blocks in contact, forced to slide and under a contact clo-

sure force, was realised. The blocks consisted in a 5 by 5 mm discrete

rigid shell geometry meshed adopting quadrilateral elements of size

0.5mm. a pressure p = 1000MPa was applied on the upper surface of

one block while the other one was constrained by suppressing all the

bottom surface degrees of freedom. The upper block was then forced

to slide by imposing a slip equals to 1mm.

On this framework three different simulations were conducted:

• Friction - a kinematic friction coefficient µ equals to 0.3 was

assigned to the interaction.
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• Cohesive - a cohesive contact behaviour was enabled with ran-

dom cohesive properties

• Friction + Cohesive - both the abovementioned condition were

applied together.

The results in terms of force over slip displacement are reported in

Figure 5.11. It can be seen, under the described conditions, the friction

model produce a constant load due to the friction which is proportional

to the applied closure pressure and to the whole area in contact.

Figure 5.11: Example of load over depth curve for two block in contact
with a frictional contact enable, with a cohesive contact and with both
friction and cohesive enabled.

The cohesive model produces the characteristic load trend con-

sisting in a first peak of force due to the cohesive contact strength

achievement, followed by a cohesive properties erosion producing the

load reduction up to the complete debonding with a null value of load.

The friction plus cohesive model returns a load trend representing a

combination of the abovementioned cases. The load first reaches a

maximum value corresponding to the cohesive strength, then decrease

to the constant value due to the frictional resistance. In this case the

slope of the cohesive damage evolution has a smaller slope, since the
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slip value at the complete damage have to be unchanged. To take

into account the presented effect of friction on the force resulted in

the micro-cantilever numerical results, a group of simulation was in-

tegrated with a kinematic frictional model and different value friction

coefficient were investigated. As for the damage contribution, also this

study was conducted in the early stage of the project so the adopted

cohesive properties were those referred as P1 in Table 5.2. However

the presented results are independent from the considered cohesive

properties.

Figure 5.12

The influence of friction was estimated both for the mode I and

mode II testing configuration. The mode I tests, achieved adopting

the cube-cornet indenter tip, resulted to be unsensitive to the friction.

This is because the progression of the debonding is always combined

with the opening of the surfaces, thus no contact pressure results and

the occurring sliding has always a negligible friction dependency. On

the other hand, the characteristic debonding mechanism related to the

mode II testing condition, promotes the presence of a positive contact

pressure on the debonded sliding surfaces. This condition tends to be

friction sensitive, therefore simulations with friction coefficient µ equals
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to 0.15 and 0.3 were run. The comparison between the friction-less

model results and the investigated frictional models is here reported

in Figure 5.12. It can be seen the presence of the friction produces an

increase in the load magnitude. However the deviation respect to the

friction-less model results is reduced to few percentage points. This is

because, despite the compressive pressure between the debonded sur-

faces, the sliding amount is very low as well as the correspondent force.

Despite a frictional effect exists in this load conditions, its effect on the

whole model outcomes results to be negligible and thus the friction-less

approach was considered to properly describe the investigated problem.
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Chapter 6

Analytical Method

6.1 Theoretical approach

As above discussed, MCT was already adopted for interface charac-

terization of coating layers, metallic inter-phases, inclusion and so on.

Nevertheless a comprehensive mathematical description of the problem

is still missing. The definition of an analytical approach would be par-

ticularly useful as it would allow a direct determination of the interface

properties from the experimental results without going through long

and time costly numerical simulations.

In the present chapter a theoretical description of the induced spec-

imen deformation field are going to be presented to better understand

the way this experimental methods allows the interface testing. The

analytical proposed formulation will be validated on the base of the

numerical results. Then an analytical methodology to estimate the in-

terface strength and the fracture energy will be proposed and assessed

on the experimental evidences. In particular, the proposed calculation

method will be applied to the experimental results for test C1.3 as an

example, although the method is completely general.
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6.1.1 Beam deformation field

According to the classical elastic bending theory, under the effect of

the applied load, the micro-beam is subjected to a constant shear

force and a bending moment that linearly increase along the beam

axis toward the constrained section. A micro-cantilever beam elastic

scheme with shear force and bending moment distribution are reported

in Figure 6.1(a). The shear stress τ and the bending moment stress σ

amounts depend on the elastic and geometrical properties of the beam

(i.e. cantilever length, section moment of inertia, material elastic mod-

ulus etc.). These are represented in Figure 6.1(b), where a section side

view of the micro beam is reported. Within certain limits of beam ge-

ometry and deflection, the Eulero-Bernoulli and Timoshenko theories,

provide a complete analytical description of the elastic problem before

the interface debonding initiation.

Between them, the Timoshenko beam theory resulted to be the

most accurate for the examined conditions, since also the shear defor-

mation is considered in addition to the bending deformation. Under

these assumption the cross-sectional planes rotate by losing the con-

dition of orthogonality with respect to the beam axis. As known the

shear stress distribution is variable over the cross-section (i.e. it is

parabolic over a rectangular cross-section). However for the Timo-

shenko theory it is assumed an equivalent constant shear stress acting

on the cross-section. Thus, the shear stress only depends on the sec-

tion position along the beam axis. In the reference system adopted in

Figure 6.1(a), the beam axis correspond to the x direction and the load

P is applied in the negative y direction. The shear stress of interest

is then τxy(x). This constant shear stress results from the shear force,

acting on an equivalent cross-sectional area As, according to (6.1).

τxy(x) =
Py(x)

As

(6.1)

The relation between the shear area As and the actual cross-section
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.

Figure 6.1: Micro-cantilever beam elastic scheme with elastic constraints
(a) and a section side view of the micro beam with stress distribution and
interface positioning (b)

area A is referred to the shear correction factor ks defined in (6.2).

ks =
As

A
(6.2)

The analytical determination of the correction factor is not unique.

However, the most adopted assumption to calculate it, is by impos-

ing the equality between the elastic strain energy computed with the

equivalent and the actual shear stress. This is a relatively easy cal-

culation for regular section geometry, but it is difficult to determine

for more complex geometries. For the sake of brevity, in Table 6.1,

the fundamental relations of continuum mechanics and the boundary
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conditions for the cantilever beam problem are collected.

Table 6.1: Continuum mechanics fundamental relations and cantilever
beam problem boundary conditions

Relation Equation

Constitution σx(x, y) = Exεx(x, y); τxy(x) = Gxyγxy(x)

Kinematics εx(x, y) = −y dφz(x)
dx

;φz(x) =
duy(x)

dx
− γxy(x)

Equilibrium dPy(x)

dx
= 0; dMz(x)

dx
= −Py(x)

Boundaries x = 0 →

{
φ = 0

u = 0

In the proposed bidimensional schematization of the cantilever beam

problem, the stress fields σx and τxy can be related to the correspond-

ing strains εx and γxy through the constitution equations involving the

Young’s modulus Ex and the transverse modulus Gxy. This last is re-

lated to the Young’s modulus and to the Poisson’s ratio as in (6.3), for

a transversely isotropic material.

Gxy =
Exy

2(1 + νxy)
(6.3)

The kinematics relation link the strain fields to the displacement

ux and rotation φz through a differential way. While the equilibrium

differential equations, specialized for the considered load configuration,

summarise the relation between bending moment Mz and shear load

Py and the shear load continuity over the beam length. Lastly the

boundaries conditions formalise the constraint full fixity.
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Mz(x) = Py · x = ExIz
dφz(x)

dx
(6.4a)

Py(x) = ksAGxy

(
φz −

duy(x)

dx

)
(6.4b)

According to the presented relations, Mz and Py are reported, in

the function of the material properties and cross section geometry, as

a function of ux and φz in equations (6.4a) and (6.4b). Integrating by

parts the last expressions and collecting the terms, ux and φz can be

write as follow (6.5a), (6.5b).

φz(x) =
x · Py

ExIz

(x
2
− L

)
(6.5a)

uy(x) =
x · Py

ksAGxy

+
x3 · Py

2ExIz

(
L− x

3

)
(6.5b)

The found analytical expressions allow to completely define the

stress and strain fields in a cantilever beam fully fixed at one end section

and loaded with a punctual force Py on the other end. However, the

mentioned formulations was developed for homogeneous and isotropic

materials, conditions not always verified in the practical cases. Thus

its applicability in the proposed case must be verified.

Further complications arise when an interface surface is also present

within the specimen. This represents a discontinuity often connecting

two different materials. As reported in Figure 6.1(b), in those cases

where the purpose is to test an interface, the specimen is manufactured

so that it is located close to the beam most stressed section. This is

to induce a pure interfacial failure avoiding further crack initiation

within the material. Under the described conditions, the interface

failure is promoted by a combination of opening mode (Mode I), due

to the tensile stress σ normal to the interface plane, and a sliding
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.

Figure 6.2: The three different modes of interface failure, discerned
according to the direction of the applied load with respect to the interface
plane.

mode (Mode II), due to the shear stress τ , acting on the interface

plane. The interface failure modes are here reported in Figure 6.2,

discerned according to the direction of the acting load with respect

to the interface plane. As mentioned, the concurrence of shear and

bending stress induces a combination of mode I and II at the interface.

The isolating of a pure debonding mode can be attempted by properly

selecting the geometrical properties of the beam section and the load

application mode and position.

6.1.2 Analytical solution adaptability

It should be also considered the constraint conditions are different from

the ideal full fixity, so that their schematization resulted to be particu-

larly complex. Since the microcantilever specimen is manufactured by

milling the beam in a continuum material block, the specimen whole

compliance also depends on the material surrounding the beam. This

can be schematized by considering the beam elastically constrained.

Thus the linear and rotational springs in Figure 6.1(a), respectively

having stiffness kφ and kv, represent the effect of material block com-

pliance, regardless of whether the beam and block material is the same.
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φz(x) =
x · Py

ExIz

(x
2
− L

)
+
PyL

kφ
(6.6a)

uy(x) =
x · Py

ksAGxy
+

x3 · Py

2ExIz

(
L− x

3

)
+
Py

kv
(6.6b)

Since the applicability of the superposition principle, the suggested

constraint modification can be integrated to (6.5a) and (6.5b), in the

form of additional terms reported in red color in (6.6a), (6.6b). This

interpretation of the constraining condition is extremely simplifying,

resulting in a potential large approximation of the specimen elastic

response. However, since a more accurate analytical solution for the

problem is still missing, the above proposed formulation can provide

an estimation of the whole specimen elastic response in condition of

perfectly bonded interface. Under these assumptions, the proposed

model was verified on the base of the numerical results as following

itemized:

• the effectiveness of the timoshenko beam theory, when applied

to the geometrical and material anisotropy conditions, proper of

the proposed MCT, was numerically validated.

• the proposed adaptation of the theory, to the MCT constrain-

ing conditions, was then calibrated on the matrix block stiffness.

An expression for the entire micro-cantilever specimen compli-

ance as a function of the applied load was derived. Such an

expression was validated on the experimental specimen stiffness

in pre-debonding initiation conditions.

• a relation between the whole specimen compliance and the debond-

ing front advance was numerically identified through a series of

simulations. This allowed to derive the debonding front ad-

vance from the experimental specimen compliance drops, ob-

tained through the incremental repetition in the load application.
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• finally an analytical estimation of the mode I critical energy re-

lease rate was performed and compared to that one retrieved

from the numerical regression procedure.

The proposed procedures, while still partly adopting numerical pro-

cedure, results to be much more efficient in terms of time and com-

putational costs if compared to the cohesive modelling approach. The

needed simulations are those to retrieve the relation between the whole

specimen compliance and the debonding front advance, which all to-

gether take a tenth of the time of a single simulation with the cohesive

model implemented.

6.2 Theory applicability

6.2.1 Timoshenko Beam consistency

The timoshenko theory consistency respect to the considered problem,

was verified by comparing the numerical and the analytical beam de-

flection curves. With this purpose, the fiber beam was numerically

modelled as a stand alone entity, rigidly constrained at its end sec-

tion and vertically loaded at the other end. Then the bending stress

distribution was evaluated over a beam section far from both the con-

strained and the loaded sections. The neutral axis was so identified

and the vertical displacements, oriented according to y direction and

referred as U2, were plot over the nodes on the line obtained from the

intersection between the y − z symmetry plane and the section neu-

tral axis plane. In Figure 6.3(a) a schematization of the deflection line

identification procedure is reported, while in Figure 6.3(b) a contour

plot of the U2 displacements over the fibre beam is showed.

The displacements along the beam axis were also analytically com-

puted, known the fibre properties and the beam geometry. The section

moment of inertia was calculated as well as the neutral axis position
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(a) (b)

Figure 6.3: Schematization of the numerical deflection line identification
procedure (a) and U2[µm] displacements contour plot (b)

under the hypothesis of pure bending loading condition. Both the nu-

merical model and the analytical procedure were calibrated, in terms

of geometry, on the experimental tests. In the following chapter, the

results of the described procedure will be presented as related to the

C1.3 mode I tested specimen.

6.2.2 Adapted solution calibration

To analytically define the micro-cantilever specimen deflection curve,

under the testing conditions, by mean taking into account also the ef-

fect of the matrix compliance, the elastic constraint stiffnesses kφ (6.6a)

and kv (6.6b), were calibrated on the matrix block elastic response. A

numerical simulation involving the entire micro-cantilever specimen al-

lowed to measure the displacement Uy of the interface section centre

of gravity as well as the average rotation of that section. Known the

applied load and the geometrical dimensions, kφ and kv can be esti-

mated, allowing to solve equations (6.6a) and (6.6b). Since the contact

surface is not flat, the displacement field on its intersection with the

deformation axis surface result not constant. Thus the displacement v

was estimated as the average of the aforementioned intersection nodes
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(a) (b)

Figure 6.4: Interface section displacement fields Uy (a) and Uz (b)
reported in [µm].

displacement values. For the φ defining, the axial z displacements

along the section height, were linearly interpolated and the slope of

the fitting line was taken as a reference. The contour plots represent-

ing the displacements along the y axis and the axial z displacements

are respectively reported in Figure 6.4(a) and Figure 6.4(b). It can be

seen the Uy displacements have a reduced change over the interface

front and the axial Uz displacements have an almost perfectly linear

distribution along the section height. The load P , together withe the

computed values of v and φ are following reported in Table 6.2

Table 6.2: Applied load P and resulting displacement

P [µN ] v[µm] φ[rad]
133 1.90e− 2 1.38e− 2

Known the corresponding applied load values, the lumped stiff-

nesses kφ and kv were than calculated from the last terms in red of

equations (6.6a) and (6.6b). The resulting analytical relation between

the applied load and the beam deflection was compared to the numer-

ically computed specimen deflection. The results will be presented in

the following chapter 7.1.
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6.3 Interface strength calculation

Once the specimens deformation regime was proved to be equivalent

to a bending beam, a regression to the interface strength properties

canned be made. Known the geometrical and inertial properties of the

beam cross-section, the bending stress at the sections upper surface

can be calculated according to the continuum mechanics equation re-

ported in (6.7). The equation was specialized for the reference system

adopted in Figure 6.3 and for the interface section of interests. Iz is

the cross-section inertial moment around the baricentric z axis, ymax is

the distance of the upper beam surface from the neutral axis and L is

the distance between the interface beam section and the load applica-

tion point. Finally P̄ represents the load values corresponding to the

debonding onset. Thus, the resulting stress value σ̄x can be intended

as the interface strength.

σ̄x =
M̄z

Iz
· ymax =

P̄ · L
Iz

· ymax (6.7)

All the mentioned properties were already defined, less than the

values of P̄ , which needed to be extrapolated from the experimental

load vs depth curves. To enable this, an identification criterion has

been defined. It was chosen to regress to this characteristic load value

by considering the entire specimen stiffness trend. As known, in the

pre-debonding initiation it results to be a linear function of the ap-

plied depth, while the damage onset and propagation produces a stiff-

ness modification. Thus, the derivative of the load with respect to the

depth, which punctually represents the specimen stiffness, was com-

puted and reported as a function of the experimental applied depth.

The first stiffness slope change was found and the corresponding ex-

perimental depth univocally identifies the desired load value P̄ . The

computed strength value was compared to the numerically calculated

one and the robustness of the analytical proposed approach discussed

in the following chapter.
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6.4 Interface toughness tracing

An analytical procedure, to trace back the interface properties from

the experimental results, was proposed also for the toughness identifi-

cation. It was permitted by the way a group of tests was performed.

A process of partial unloading was, in fact, ciclically operated dur-

ing the tests execution. As described in Chapter 2 each loading ramp

was characterized by a load vs depth slope, representing the speci-

men stiffness at that stage. It can be observed the slopes result to

be characterized by two different phases. In the first phase they are

quasi-constant among the loading steps, while in the second phase a

progressive slopes decrease can be observed. In the absence of other

dissipation phenomena (i.e. plastic deformation, indenter tip sliding,

indentation etc.), the debonding onset and propagation are the rea-

sons of this progressive reduction in the specimen stiffness. Thus, the

tracing back of the loading slopes decrease, can be helpful to focus

the debonding progression stage. The described approach represents

a widely adopted practice for the toughness estimation both in frac-

ture and adhesive joint mechanics. As following briefly described, it is

based on the Griffith energetic principles and it allows to compute the

energy release rate known the testing load conditions, the geometrical

configuration and the crack advancement. However, to the best of the

author’s knowledge, no examples of the application of this procedure

to FRP materials are available in the literature. Further, the scien-

tific publications and standards referring to this approach are in fact

mostly focused on metallic or ceramic materials, both composite and

non-composite, generally isotropic or very weakly orthotropic.

6.4.1 Griffith theory

In the field of fracture mechanics the energetic Griffith principle allows

to describe the propagation of a fracture in a brittle material. It con-

sists in an energy balance between the potential energy and the work

113



6. Analytical Method

required to generate and propagate a crack. It refers to the generic

configuration, here reported in Figure 6.5, consisting of a plane plate

subjected to a constant traction load in which a crack of length 2a

is make. The crack tips are considered as infinitely sharp. The plate

Figure 6.5: Through crack subjected to a propagation.

thickness is referred as B, while σ is the remote stress. Under these as-

sumptions, a crack propagation of an infinitesimal amount da, produces

a modification dΣ in the total elastic energy, that can be estimated as

following reported in (6.8).

dΣ

dA
=

dΣp

dA
+

dWs

dA
(6.8)

This plate energetic balance, between two stages of crack propagation,

depends on the amount of potential energy Σp and on the work required

to generate new fracture surfaces Ws at the considered stages. The

derivative is weighted on the generated crack area dA = B · da. Under
equilibrium conditions the total elastic energy is constant ad so the

two terms results equals and opposite in sign (6.9). This means the

work done to generate the fracture extension da is carried at the cost
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of the potential energy.

−dΣp

dA
=

dWs

dA
(6.9)

For the considered geometrical configuration both Σp and Ws can be

easily computed. In (6.10a) the potential energy, given by the In-

glis solution, is expressed as the difference between the potential en-

ergy of the un-cracked plate and the change in elastic strain energy

due to the crack. This last terms is expressed as a function of the

remote stress σ, the plate thickness B, the material Young’s mod-

ulus E and the crack length a. With regard to the work to gen-

erate the surface fracture, it can be write as the product between

the total fracture surface and the surface energy γs (6.10b). In Fig-

ure 6.6 the energy variation over the crack length is schematically

reported. It can be observed Ws linearly depends from the length

a, while Σp is a quadratic power of it. According to the equation

(6.10c), the resulting elastic energy Σ trend shows a quadratic trend

too.

Figure 6.6: Energy variation
with corresponding crack length

Σp = Σp,0 −
πσ2a2B

E
(6.10a)

Ws = γs · 4aB (6.10b)

Σ = Σp +Ws (6.10c)

A distinctive point, on the Σ curve is

represented by the ac value, computed

as the crack length underlying an en-

ergy slope null value. For a < ac the

crack propagation is stable, since the

potential energy released is lower than

the work needed for the crack propa-

gation. Thus an external work have to be provided. On the contrary,

for a ≥ ac the potential energy exceeds the work needed, so producing
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the unstable propagation of the crack.

6.4.2 Energy release rate definition

The Griffith energy balance was further improved by Irwin, through

the definition of the energy release rate G notion. He identified in the

equivalent terms of equation (6.9) an expression for the energetic con-

figuration change, so that G = −dΣp/dA. The crack extension occurs

when the applied energy release rate exceeds the material resistance to

crack extension, represented by the energy release rate critical value

Gc. If results G > Gc the crack propagation is energetically favorable.

Some materials show a constant Gc value, while for some other it re-

sults to be variable property. It can be reported as a function of the

crack length a and the resulting plot takes the name of resistance (R)

curve. To univocally identify a value of critical energy release rate,

also in those cases of not constant Gc, a standard procedure was devel-

oped and reported in the international standards such as the ASTM

E1820 [53] for a variety of brittle materials (mainly metals). For a

specific load configuration, also G can be reported as a function of a

and overlaied to the R-curve to verify if the considered load produce

and unstable propagation.

Figure 6.7:
Load-displacement curves for
a crack increment da.

The energy release rate can be eas-

ily computed from the experimental load

over depth curves for a large variety of

testing configurations.

G =
P 2

2B
· dC
da

(6.11)

In fact, a crack length increase, from

an amount a to a + da, produces a re-

duction in the specimen response stiff-

ness, as shown in Figure 6.7. The area

between the load ramp for the crack ex-
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tension a and a + da represents the released energy for the da length

increase. This can be calculated for both load controlled and dis-

placement controlled tests through the equation (6.11), where C is the

experimental compliance computed as the inverse of the load P over

depth δ curve slope. The exposed method assumes the load and the

displacement as well as the crack length can be experimentally mea-

sured.

6.4.3 Energy release rate calculation

In the present work the energy release rate was computed not only on

the basis of experimental evidence, but also through numerical sim-

ulations. This was because the crack length was not experimentally

measurable over the tests. The partial unloading, interesting a group

of experiments, was assumed as reference to compute the load over

depth curve stiffness drop, similarly to the case presented in 6.4.2.

In Figure 6.8 a schematization of the stiffness identification with the

debonding progression is reported. According to the ASTM E1820

standard the pre-initiation ramps were excluded and the maximum

load reaching cycle was assumed to compute the first stiffness K0 to

which corresponds the debonding length denoted as a0. So that, two

generic subsequent load cycles present stiffnesses respectively equals to

Ki−1 and Ki and corresponding debonding length ai−1 and ai. As men-

tioned the debonding length values, corresponding to the calculated

stiffnesses, were not experimentally measurable. Thus a numerical

identification process was conducted to extrapolate a mathematical law

expressing a(K) or its inverse, the compliance C(a) = 1/K(a). With

this purpose a numerical model reproducing the single experiment was

prepared. As already described in section 5.1.1, a perfectly bonded

fibre to matrix interface was considered by imposing a contact interac-

tion constraint. But, in this case, to simulate an advanced debonding

state, the constraint interested a reduced region of the interface sur-
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Figure 6.8: Schematization of the experimental stiffness identification
with the debonding cyclic progression.

face, while the remaining was leave untied. The height of this untied

region is actually the debonding length a. A schematization of the

adopted model is here reported in Figure 6.9(a). The simulation were

conducted by imposing the same loading condition adopted for the ex-

periments. A verification between the numerical and the experimental

stiffnesses was also conducted by comparing the pre-debonding initia-

tion experimental outcomes with the numerical model results obtained

adopting a perfectly bonded entire interface (a = 0). The experimen-

tal stiffness was computed as the average of the stiffnesses related to

the loading ramps preceding that reached the maximum load. In Fig-

ure 6.9(b) a detail of the debonded region opening effect under load

application is reported. To trace the specimen stiffness as a function

of the debonding length, a series of untied surface height were imposed

and the corresponding numerical output, in terms of indenter reaction

force over depth, handled to compute the stiffness. The considered

values of debonding length are the following:

a = {0; 0.25; 0.5; 0.6; 0.8; 1; 1.2; 1.3; 1.5}[µm]
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(a) (b)

Figure 6.9: Schematization of the model with bonded and untied
interface region highlighted (a) and detail of the debonded region opening
effect under load application (b)

The simulations were performed by considering the same maximum

indenter displacement as equals to 0.1µm. The identified mathematical

law was adopted to calculate the debonding length corresponding to

the experimental measured stiffnesses. Then the equation (6.11) was

solved in the discrete form reported as equation (6.12).

Gi =
P 2
i

2B
· Ci − Ci−1

ai − ai−1

(6.12)

The obtained energy release rates and the corresponding debonding

lengths, can be plot and interpolated with a polynomial function which

is the R-curve. The definition of the critical value for the energy release

rate was found according to the procedure reported in ASTM E1820

standard. The calculated value of toughness was compared to that

numerically obtained and robustness of both the calculation method-

ologies were discussed in the following analytical results chapter.
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Chapter 7

Analytical Results

7.1 Elastic solution validation

First the timoshenko theory consistency was verified for the case con-

sidered in 6.2.1. In Figure 7.1 the deflection (Uy) of the micro-beam

made of fibre was reported over its axis (z) for both the numerical

model and the analytical timoshenko formulation.

Figure 7.1: Analytical and numerical fibre micro-beam deflection curve
comparison.

A very good agreement between the curves resulted from the com-
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parison. This confirms, under the considered geometrical beam pro-

portions, the timoshenko theory still provide a good description of the

beam deflection, despite both the hypothesises of material isotropic

behaviour and slenderness are not strictly respected.

Table 7.1: Analytical adapted solution lumped stiffnesses.

kv[µN/µm] kφ[µN · µm]
6990.63 385.17

In the second instance, the interface section y axis displacement

v and rotation φ (Table 6.2) were adopted to calculate the lumped

stiffnesses kv and kφ. These values, following reported in Table 7.1,

allowed to completely solve the analytical adapted solution proposed

for the MCT deflection line determination. A comparison between the

numerical deflection of the specimen and the analytical results, is re-

ported in Figure 7.2. The initial displacement value and curve slope,

actually represent the estimation of v and φ. The proposed modifi-

cation for the timoshenko solution prove a good specimen deflection

prediction capability.

Figure 7.2: Analytical and numerical micro-cantilever specimen
deflection curve comparison.
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7.2 Interface strength determination

The interface strength determination was made by considering the av-

erage load over depth curve for the mode I testing experiments. As

discussed in section 6.3, the derivative of the load was calculated. In

Figure 7.3 its value over the depth is reported together with the aver-

age load P . It can be seen, for an initial amplitude of depth the load

derivative results to be quasi-constant, then a rapid drop occurs.

Figure 7.3: Average load vs depth curve for the mode I tested specimens
, together with its discrete derivative and the mean value of the initial
range where this last is constant.

The average value of the initial constant range of values was com-

puted and reported in Figure 7.3 through the red dotted line. The

depth value, corresponding to the first drop of the derivative value,

was adopted to define the load value P̄ = 153.4[µN ] corresponding to

the debonding onset. Equation (6.7) was then solved and the mode I

interface strength value following reported:

σ̄x = 102.64[MPa]

The analytically calculated strength value will be compared to that
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numerically traced in the following concluding chapter, where also the

consistency between the two approaches will be extensively discussed.

7.3 Toughness calculation

7.3.1 Compliance vs debonded length relation

The toughness tracing process started from the identification of the

compliance in function of the debonding length. A series of numerical

simulations, with applied the debonding length specified in 6.4.3, were

performed. The resulting specimen compliance-debonded length pairs

were interpolated with a polynomial function.

Figure 7.4: Numerically calculated compliance vs debonding length data
and cubic polynomial fitting curve, together with the R-squared value.

The MatLab non-linear fitting tool was adopted to perform the in-

terpolation. The data fitting quality was estimated through the coeffi-

cient of determination R-squared R2. This statistical marker indicates

the percentage of the variance in the dependent data set that the inde-

pendent data set explain collectively. In a regression model it evaluates

the scatter of the data points around the fitted regression curve. It is
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in the range from zero to one, where the null value means the fitted

curve and the data are not correlated, while the unit value means the

fitting explains all the data variation around their mean. In the case

of interest, the best fitting resulted from the adoption of a third order

complete polynomial, here reported in general form in equation (7.1).

C(a) = A1 · a3 + A2 · a2 + A3 · a+ C(a = 0) (7.1)

In Figure 7.4 both the numerically calculated compliance vs debonding

length data and the cubic polynomial fitting are reported, together

with the related R-squared value. As expected, it can be seen the

compliance of the specimen raises with the debonding progression. The

fitting calculation provided the coefficients Ai reported in Table 7.2,

they corresponds to a R2 = 0.9999.

Table 7.2: Compliance vs debonding length polynomial fitting
coefficients.

A1 A2 A3 C(a = 0)
1.1668e− 04 1.3496e− 04 7.0310e− 5 7.7061e− 4

It represents a very good correlation level between the numerically

calculated compliance-debonded length pairs and the polynomial fit-

ting model. It should be noticed the the coefficient multiplying the

debonding length raised to the zero exponent (a0), representing the in-

tersection of the curve with the compliance axis, has a physical mean-

ing. It is the value of the compliance for a completely bonded interface

C(a = 0), thus it should not be calculated by the fitting process.

7.3.2 Resistance curve definition

The resistance curve was estimated starting from the identification of

the load vs depth curve cycles stiffnesses. A linear interpolation of

the load ramps provided the Ki values, a total of i = 14 cycles were
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performed in the considered C1.3 experiments. The related compliance

values were then obtained and plotted over the load cycles repetition in

Figure 7.5. It can be seen a first group of values, up to the the eighth

cycle, produced a quite constant response in terms of compliance.

Figure 7.5: Experimental specimen compliance over the load cycles,
together with the average compliance value

The maximum load recorded for these load cycles was always in-

creasing, until the eighth cycle produced the highest absolute load

value in the test. In the subsequent cycles a progressive increase in the

compliance value is visible and the corresponding maximum load was

found to be descending. This erosion of the specimen stiffness proper-

ties, can be ascribable to the interface debonding phenomenon. Thus

the last value presenting a quasi constant compliance and the absolute

maximum load value results to be that produce the debonding onset

(cycles n°8 in Figure 7.5) The computed compliance over debonding

length fitting curve (7.1) allowed to estimate the debonding length

increment ∆a for each of the compliance intervals experimentally de-

fined. In Table 7.3, the debonding length ai, for each cycle interested

by the debonding, the correspondent compliance Ci and the maximum

load value Pi are reported.

As extensively discussed in 6.4.3, the first group of cycles were not
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Table 7.3: Debonding length ai, compliance Ci and maximum load Pi for
the load cycles i interested by the debonding.

i 8 9 10 11 12 13 14
ai[µm] 0.0712 0.4622 0.8635 1.0855 1.1973 1.2803 1.4288
Ci[µm/µN ] 7.698e−4 8.572e−4 9.915e−4 1.124e−3 1.243e−3 1.366e−3 1.523e−3

Pi[µN ] 278 262 241 226 228 228 220

considered and the energy release rate was calculated starting from the

eighth cycle as. On the base of these presented data the energy release

rate was calculated as exposed in equation (6.11). The resulting en-

ergy release rate values, for the seven couples of considered subsequent

increments, are here reported in Figure 7.6. It can be seen, in the early

debonding propagation phase, the energy release rate G linearly rise

with the debonding advancement a.

Figure 7.6: Energy release rate G over debonding length a dispersion
plot with a third order polynomial fitting.

Then, in the last phase of damage propagation, the G values tend

toward a finite value. This upper limit for the energy release rate, is

close to the value of 10µN/µm. Since the load cycles, corresponding to

this limit value, results to be those with the most stable propagation

in terms of load vs depth curve, the found limit value was considered

as the interface toughness. So that:

Gc ≃ 10[µN/µm]
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Chapter 8

Conclusions and future work

8.1 Achievements

In the light of the presented methodologies and related results, the

main achievements of the present dissertation are represented by a

couple of experimental-numerical and experimental-analytical strate-

gies for the identification of the fibre to matrix interface properties

in a UD FRP. The proposed methodologies were implemented and

validated on a laminate made of the IM7-8552 carbon/epoxy unidi-

rectional pre-impregnated skins.

An original experimental approach for the UD composites interface

testing was proposed. A series of micro-cantilever specimens were

carved on the laminate cross-section and tested to induce two dif-

ferent interface failure typology. To the best of the author’s knowl-

edge, this represents the first attempt of this approach on a continu-

ous fibres polymeric composite, for the interface characterization. The

experimental campaigns were supported by numerical simulations re-

producing the testing conditions. The models were validated on the

base of the experimental evidences and were adopted to identify the

fibre to matrix interface properties. The validated models also allow

to investigate the effectiveness of the proposed experimental approach
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in consistently assess the interface characterization. The results con-

firmed the proposed methods properly isolate the interface debonding

phenomenon and both an opening and a sliding loads can be almost

independently induced at the interface.

An analytical framework to the problem was also proposed and verified

on the base of the validated numerical model results. The timoshenko

beam elastic theory demonstrated to properly address to the problem,

once appropriately adapted. The proposed modifications allowed to

take into account the presence of two deeply different materials consti-

tuting the specimen as well as the strongly anisotropic response of one

of them. On this background an analytical procedure for the interface

properties calculation was proposed. Starting from the experimental

results, it allows to rapidly define the damage initiation strength and

the interface toughness. To achieve this result a series of numerical

procedures were adopted to tune a transfer function relating the whole

specimen compliance to the debonding length advancement. The de-

scribed procedure outcomes resulted perfectly aligned with the numer-

ical findings, in terms of both strength and toughness of the interface.

8.2 Conclusions

Each of the proposed methods distinctly provides the interface prop-

erties when the interface is loaded in mode I (opening) and mode II

(sliding). In Table 8.1, a comparison between the interface properties

calculated by the author and the literature available data for the same

combination of resin and fibre, proposed by Rueda [2], is reported.

Table 8.1: Identified and literature available [2] cohesive interface
properties comparison.

t0n [MPa] t0s = t0v [MPa] GIc [J/m2] GIIc = GIIIc [J/m2]

Literature 49 74 2 100
Identified 100 135 11 100
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It can be seen the calculated strengths, independently by the mode,

results to be doubled if compared to the literature values. Also the

toughness calculated in mode I results to be much higher than the

literature one. On the contrary exactly the same value of toughness

resulted for the mode II. As extensively discussed in the introduction -

section 1.6.2, the mode II properties determination was already inves-

tigated in literature, through both micro-scale and macro-scale testing

methods. On the contrary no consolidated experimental procedures are

available to date for mode I. Thus the interface properties in opening

are conventionally extrapolated in proportion to the mode II results.

Assuming the degree of proportionality between the properties in the

two modes, is the same as commonly found for macro-scale debonding

and delamination tests [2, 16, 20]. This is to date neither certain nor

provable and also it does not consider the scale effect. Particularly

since, as comprehensively analysed by Ast et al. in their work of re-

view [54], both the stress and toughness properties results to be a scale

dependent quantity.

The reason why the methodologies proposed in the present disser-

tation, provides quite different results to those available in literature,

can be explained by considering both the scale and the typology of the

tests. The lower values of literature interface strength and toughness

could results due to the presence of parasitic stresses and stress con-

centration effect, extensively discussed in the introduction and charac-

teristic of the experimental methods adopted in literature.

8.3 Future work

The discussed achievements represent, of course, the preliminary re-

sults of a long and thorough study needed to confirm and consolidate

the proposed method for the UD FRP interface characterization. They

confirm the interface tightness is a complex phenomenon and show the

chance it was on several scales. The effectiveness of the proposed ex-
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perimental methods have to be proven on different matrix and fibres

combinations as well as on different curing processes interesting the

same FRP. Also the presence of other energy dissipation phenomena

such as plasticity or severe matrix crack propagation needs to be deep-

ened and quantified respect to the measured properties. Should this

produce results encouraging and consistent with what is presented in

the present dissertation, the proposed analytical-experimental proce-

dure could be refined and proposed as both a quantitative and quali-

tative standard for the characterisation of fiber to matrix interfaces in

polymer composites.
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